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Abstract 

 

The reduction of fuel consumption and carbon dioxide emissions are currently a key factor for 

the aviation industry because of major concerns about climate change and more restrictive 

environmental laws. One way to reduce both fuel consumption and CO2 emissions is by 

significantly decreasing the weight of vehicles while increasing the efficiency of the engine. To 

meet these requirements, the European aero-engine industry is continuously focusing on 

improved engine designs and alternative manufacturing methods for load-carrying structures in 

advanced materials, such as titanium and nickel-base superalloys. These new manufacturing 

methods involve sheet-metal parts, small castings, and forgings assembled using welding, 

enabling flexible designs where each part is made of the most suitable materials and states, with 

advantages such as reduced product cost, lower weight, and increased engine efficiency. 

 

In this thesis, a manufacturing process chain including forming and welding in two nickel-base 

superalloys, alloy 718 and Haynes® 282®, is studied. The aim of this work has been to determine 

which aspects within the material and process are the most relevant to consider in order to 

accurately predict the amount of shape distortions that occur along the manufacturing chain. 

The effect of the anisotropy and forming temperature on the predicted springback is included. 

The results are compared with experimental cold and hot forming tests with a subsequent 

welding procedure. During forming of a double-curved component in alloy 718 at room 

temperature, open fractures are observed in the drawbead regions, which cannot be predicted 

while evaluating the formability of the material based on Nakazima tests and forming limit 

curves (FLC). The generalised incremental stress-state dependent damage model (GISSMO) is 

therefore calibrated and coupled with the anisotropic Barlat Yld2000-2D material model to 

accurately predict material failure during forming using LS-DYNA. The mechanical properties 

of alloy 718 are determined via uniaxial tensile, plane strain, shear, and biaxial tests at 20 °C. 

The deformations are continuously evaluated using the digital image correlation (DIC) system 

ARAMIS™. Numerical predictions are able to accurately predict failure on the same regions as 

observed during the experimental forming tests. Comparisons of the distribution of damage on 

one of the drawbeads, between simulations and damage measurements by acoustic emission, 

indicate that higher damage values correspond to bigger micro-cracks. The history from the 

sheet-metal forming procedure, i.e. residual stresses, strains, element thickness, and geometry, 

is used as the input for the FE analysis of a subsequent welding procedure of a strip geometry 

in alloy 718 and Haynes® 282®. A comprehensive characterization of the elasto-plastic 

properties of both alloys between 20 and 1000 °C is included. Other temperature-dependent 

properties are extracted from JMatPro®-V9 for the corresponding specific batches. The results 

from the simulations show that the welding procedure further increases the shape distortions 

over the part. Encouraging agreement is found between the model predictions and the results 

of forming and welding tests in alloy 718. The findings underscore the importance of including 

the material history and accurate process conditions along the manufacturing chain to both the 

prediction accuracy of accumulated shape distortions, and to the potential for the industry. 

 

The work also comprises hot forming of the double-curved component in alloy 718 and 

Haynes® 282®. The presence and nature of serrations due to the dynamic strain aging (DSA) 

phenomenon between 300 and 900 °C is studied. Microstructural observations are consistent 

with the behaviour of the material at the different temperatures tested. The residual stresses 

obtained from the hot forming simulations are transformed, based on the time- and temperature-

dependent properties of the materials, via stress relaxation tests between 700 and 1000 °C, to 

simulate the effect of holding time during the forming process. The results show the importance 
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of using the novel modelling approach combining the anisotropic Barlat Yld2000-2D material 

model with the thermo-mechanical properties and stress relaxation behaviour of the material to 

predict the final geometry of the component with high accuracy. A welding simulation of a bi-

metallic strip geometry obtained from the hot formed double-curved component is performed 

numerically. The effect of the two superalloys on the shape distortions over the part is 

discussed. 
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1 Introduction 

 

The aim of this section is to introduce the reader to the research question, project aims, 

background, and motivation that led to the scope of appended papers and achievements in the 

present thesis.  

1.1 Project 

 

This thesis work was performed in two different projects funded by VINNOVA – Swedish 

Governmental Agency for Innovation Systems program for SME, Swedish Armed Forces, and 

Swedish Defence Materiel Administration, and participating industry: 

• Virtual process chain for superalloy sheet metal aero engine structures – Validation and 

demonstrator. Program: NFFP6. Diarienr: 2013-01173. Project partners: GKN 

Aerospace Sweden AB, ITE Fabriks AB, and Acoustic Agree AB. 

• Validation of a fabrication procedure for bi-metallic aero engine components in 

superalloys. Program: NFFP7. Diarienr: 2017-04849. Project partner: GKN Aerospace 

Sweden AB. 

1.2 Research question and aims 

 

The aim of the thesis work is to contribute to the possibility of fully use finite element (FE) 

modelling and simulation in the design of suitable thermo-mechanical forming procedures for 

alloy 718 and Haynes® 282®. The formulated research question, valid for both projects, is: 

 

“Which aspects within material and process are the most significant to consider in forming for 

an accurate FE prediction and compensation of the forming tooling for springback and the out 

of shape tolerance due to subsequent process steps such as welding and heat treatment in alloy 

718 and Haynes® 282® nickel-base superalloys?” 

 

The part of the thesis comprised in the NFFP6 project was partly performed in close 

collaboration with the industrial PhD student Joachim Steffenburg-Nordenström at GKN 

Aerospace Sweden AB and Högskolan Väst. The part of the thesis carried out in the NFFP7 

project included further material-characterization and validation hot forming tests in both 

superalloys.  

 

To answer the research question, the aims of the thesis were formulated as follows: 

• Perform and evaluate results from thermo-mechanical material characterization for use 

in FE analyses of cold and hot sheet-metal forming, and welding in alloy 718 and 

Haynes® 282®. 

• Perform modelling and simulation of the manufacturing process chain of a component 

of interest to the aerospace industry, including sheet-metal forming, welding, and heat 

treatment with material models of different levels of complexity. The purpose is to 

obtain model predictions of springback and shape distortions that occur after each 

manufacturing process step with high accuracy. This will enable reliable compensations 

of the forming tooling for the accumulate shape deviations of springback and shape 

distortions. 
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• Study the effect of damage and fracture during sheet-metal forming at room 

temperature. Evaluate the use of a model for damage and failure to capture the 

behaviour and material instability and predict failure when forming limit diagrams 

(FLD) are not applicable.  

• Evaluate models for thermo-mechanical sheet-metal forming using advanced material-

characterization schemes and models for hardening, anisotropy, and time-dependent 

effects, such as stress relaxation, in elastic and plastic states.   

• Development of a demonstrator for validation of the simulation methods, including 

forming, welding, and heat treatment.  

• Simulation-driven development of hot forming procedures suitable for production of 

components in which the resultant geometry and properties are secured for the specific 

alloys studied. 

• Use of FE technology to suggest and evaluate competitive cold and hot forming 

procedures, and to evaluate the predictions of subsequent welding and heat treatment 

processes. 

1.3 Background and motivation 

 

Superalloys are among the most compositionally complex metallic alloys ever developed for 

commercial use. They can be defined as alloys that have the capability of preserving their 

mechanical properties and chemical stabilities at high temperatures and in severe corrosive 

environments [1]. Since the past few decades, superalloys have had an important role in the 

design of lightweight components for the aviation industry that could contribute to the reduction 

of fuel consumption and carbon dioxide emissions because of major concerns regarding climate 

change and more restrictive environmental laws. One of the methods of reducing both fuel 

consumption and CO2 emissions is by significantly decreasing the weight of vehicles while 

increasing the efficiency of the engine. According to the Advisory Council for Aeronautics 

Research in Europe (ACARE), the aviation industry has set targets for 2050 to reduce CO2 

emissions by 75% and NOx by 90% compared to levels observed in 2000 [2]. 

 

In order to increase the competitiveness of the aerospace industry, improved engine designs and 

alternative manufacturing methods for static load-carrying aero-engine structures in advanced 

materials, such as titanium and nickel-base superalloys, are desired. Nickel-base superalloys 

are widely used in the aero engine industry, typically constituting up to 50% of the total weight 

of the aircraft engine. Because of their excellent material properties at high temperatures and 

good corrosion resistance, these superalloys are employed most extensively in the hot sections 

of gas turbine engines with running temperatures up to 650 °C [3]. Unlike conventional large-

scale single castings, new manufacturing methods involve sheet-metal parts, small castings, and 

forgings assembled using welding. Advanced fabrication concepts allow more flexible designs, 

where each part is made of the most suitable material state, with advantages such as reduced 

product cost, lower weight, and increased engine efficiency. 

 

Current fabrication procedures of load-carrying aero-engine structures require competitive 

forming techniques of sheet-metal components in superalloys, such as alloy 718 and Haynes® 

282®. The properties of the materials are well suited to the conditions and loads present in the 

hot parts of the jet engine but forming of nickel-base superalloys is a challenging process. Sheet-

metal forming of these high-strength materials at room temperature is possible due to their high 

formability in the solution-annealed condition. However, nickel-base superalloys are expensive 

materials, and cold forming usually requires substantial extra material and generates a high 
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stress state in the part, leading to a large degree of springback. Moreover, excessive thinning in 

the drawbead and drawbead radii areas may introduce instabilities in the material that may lead 

to failure of the component. Instead, thermo-mechanical forming is an interesting alternative. 

Nickel-base superalloys are designed to sustain high temperatures and resist creep deformation 

at operational temperatures up to 650 °C. Therefore, traditional hot forming techniques are 

carried out at high target temperatures around 950 °C with long process cycle times approaching 

one hour. At these temperatures, the flow stress is considerably low, and the materials possess 

time-dependent properties that can be utilised to reduce the amount of residual stress state and 

springback over the part. Nevertheless, forming at high temperatures involves a higher energy 

consumption and additional maintenance of the tool parts. Of particular interest are the bi-

metallic structures, where different alloys and material states are combined together to achieve 

optimal properties and minimal weight.  

 

The use of FE analyses has the potential to successfully identify cost-effective and robust 

forming procedures for these advanced aerospace materials. Of specific interest to the industry 

is to further develop the ability to fully use the FE technique in the design of tailored cold and 

hot forming procedures for nickel-base superalloys, and use the predicted results from forming 

as input to subsequent welding and heat treatment analyses to increase model accuracy. The 

simulation of fabrication processes with high accuracy would allow virtual adjustments of the 

shape deviations, while significantly reducing costly and time-consuming compensation loops. 

The manufacturing industry can benefit from the compensation of the forming tooling for 

springback and the accumulated shape distortions that occur in subsequent manufacturing steps, 

such as welding and heat treatment, to achieve the desired geometry at the end of the 

manufacturing chain. The application of FE simulation tools to accurately develop advanced 

manufacturing methods for sheet-metal components in nickel-base superalloys, creates the 

opportunity to effectively use commercially interesting components for the aerospace industry. 

 

In this work, the manufacturing process chain, including forming and welding, of a double-

curved component made of alloy 718 and Haynes® 282® nickel-base superalloys is studied. The 

component is located in the rear part of a jet engine, called the turbine exhaust case (TEC), see 

Fig. 1. The models and methods developed, used, and evaluated in this thesis have been chosen 

keeping in mind industrial implementation and applicability.  

 

 
 

Fig. 1 (a) GP7000 TEC engine, (b) TEC, and (c) sub-assembly. The turbine exhaust chase consists of thirteen 

different subassemblies. The arrow indicates the location of the double-curved component studied (courtesy of 

GKN Aerospace Sweden AB) 
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1.3.1 Materials 

 

Alloy 718 (UNS N07718) is a precipitation-hardening nickel-chromium alloy containing 

significant amounts of iron, niobium, and molybdenum with minor amounts of aluminum and 

titanium. Since its invention in 1962, alloy 718 has been one of the most frequently used alloys 

in aircraft engines because of its high strength, good ductility, and corrosion resistance at 

elevated temperatures up to 1300 °F (704 °C) [4]. Nowadays, it is used in a wide range of 

applications, such as gas turbines, rocket engines, nuclear reactors, pumps, and tooling. It also 

has outstanding cryogenic properties and weldability, including resistance to post weld 

cracking.  

 

The specific batch of alloy 718 used in this work is delivered in form of 2.6 mm thick sheets, 

and in the solution-annealed condition according to the SAE AMS 5596 specification. Table 1 

presents the chemical composition of the alloy, as defined in the material certificate. 

 
Table 1 

Chemical composition of the specific batch of alloy 718 [wt%] 

 
Al B C Co Cr Cu Fe Mn Mo Nb Ni 

0.48 0.004 0.019 0.15 17.78 0.03 18.47 0.07 2.88 5.05 53.86 

P S Si Ta Ti V W Zr Nb+Ta Ni+Co Ti+Al 

0.008 <0.0003 0.07 <0.01 1.05 0.03 0.02 <0.01 5.06 54.01 1.53 

 

Haynes® 282® alloy (UNS N07208) is a gamma-prime precipitation strengthened superalloy 

developed for high-temperature structural applications, especially those in aero- and land-based 

gas turbine engines [5]. The material used in this thesis is also provided in form of thin sheets 

with a thickness of 2.6 mm and in the solution-annealed condition in accordance with the SAE 

AMS 5951 specification. Table 2 lists the chemical composition of the alloy extracted from the 

material certificate. 

 
Table 2 

Chemical composition of the specific batch of Haynes® 282® [wt%] 

 
Al B C Co Cr Cu Fe Mn Mo 

1.48 0.004 0.062 10.19 19.53 <0.01 0.90 0.05 8.62 

Nb Ni P S Si Ta Ti W Zr 

<0.1 56.72 <0.002 <0.002 <0.05 0.012 2.21 0.06 <0.002 

 

1.4 Scientific background 

1.4.1 Thermo-mechanical sheet-metal forming 

 

In sheet-metal forming, a sheet blank is plastically deformed into a complex three-dimensional 

(3D) geometry in a very short time, i.e. one or a few strokes of a press, usually without any 

intended significant change in sheet thickness and surface characteristics. Sheet-metal forming 

processes include bending, stretching, and deep drawing, among others. Most of sheet-metal 

forming operations are performed as cold working processes, which means that they are carried 

out below the recrystallization temperature of the materials being formed. Traditional cold 

forming procedures of advanced parts made of nickel-base superalloys present some challenges, 
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such as considerable material consumption, large degree of residual stresses and springback, 

high stamping loads, and risks of material instability or failure in the drawbead regions despite 

high formability in the solution-annealed condition. Since every sheet-metal process involves 

elastic forming followed by permanent plastic deformation, the final part shape depends on the 

springback phenomenon, which can be defined as the dimensional deviation from the desired 

target shape due to the elasticity of a metal sheet following the forming operation when the 

forming loads are removed from the work piece [6]. When this deviation produces an out-of-

tolerance part, it can lead to quality problems and assembly difficulties in the subsequent 

manufacturing operations, resulting in a significant economic impact in terms of delayed 

production, tooling revision costs, and rejection of unqualified parts. Although it is impossible 

to eliminate, minimizing springback can be done by adopting three approaches: controlling the 

blank holder force (BHF), increasing the forming temperature, and optimizing die surfaces in 

order to accommodate the springback [7]. 

 

In order to overcome such difficulties, the manufacturing of complex parts in nickel-base 

superalloys employs advanced thermo-mechanical forming techniques where the material is 

heated up to temperatures around 950 °C. However, the hot forming process has some 

disadvantages, such as higher energy consumption and additional maintenance of the tool parts. 

In addition, the anisotropic behaviour of the material during high-temperature deformation is 

complex and changes with varying process parameters, i.e. strain, strain rate, and temperature. 

As appointed by Merklein and Lechler [8] and Odenberger et al. [9, 10], the process parameters, 

along with the anisotropy and temperature dependence of the material, are vital to obtain 

accurate FE predictions of the hot forming processes. Several authors have studied the 

prediction of springback during hot forming of different materials, such as ultra-high strength 

steels [11-15], aluminum alloys [16-19], Ti-6Al-4V alloy [20], or Inconel 625 [21]. 

 

During the hot forming procedure, the part may be held under forming pressure for a specific 

period of time to reduce the residual stresses over the part, allowing the material to relax and, 

thereby, reduce the amount of springback. The degree of stress reduction that can be obtained 

in a hot forming procedure originates from the thermo-mechanical properties of the material, 

and depends on several factors, i.e. initial stress level, temperature, and holding time [9, 22]. 

1.4.2 Finite element (FE) analysis 

 

Some decades ago, the development of products and manufacturing techniques for the sheet-

metal forming industry were time consuming, expensive, and imprecise processes because of 

the development of new manufacturing processes was based on trial and error using prototype 

tools. In order to change undesirable results in the forming process, such as springback, 

wrinkling, strain localization, or even formation of cracks, significant changes in the tool 

configuration were often required. Sometimes, these modifications are not easy to perform, and 

a large number of failed components and tools are produced in such actions. Nowadays, 

companies with a high level of technology readiness have implemented numerical analyses and 

computer-aided engineering (CAE) tools in the whole process chain in order to improve, 

identify, and solve problem areas in an early stage while minimizing try-outs and modifications 

in the manufactured tools or processes.  

 

One of the main methods used to simulate the pressing processes is the finite element method 

(FEM). The biggest advantage of this approach is that the FEM method is much cheaper and 

less time consuming in comparison with methods of trial and error. Additionally, virtual 

methods allow detailed studies of the forming process not possible during physical forming 
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tests, allowing the engineer to gain competence in an effective way. However, it requires a 

deeper knowledge of the fundamental concepts of the properties and behaviour of the material 

studied, material and FE models, and forming processes. In addition, in order to achieve the 

highest accuracy of modelling, it is necessary to provide very accurate data about the behaviour 

of the material, boundary conditions, and process conditions. For example, Lin et al. [23] 

developed a constitutive model to predict the flow stress of a typical Ni-Cr-based superalloy 

with strain rate of 0.001 – 1 s−1 and forming temperature of 920 – 1040 °C. In the same way, a 

constitutive equation as a function of strain was established for Inconel 600 at similar 

temperature and strain rate intervals by Wu et al. [24]. 

 

In this work, LS-DYNA is the FE software chosen to model and simulate the behaviour of the 

material throughout the different stages of a manufacturing chain.  LS-DYNA is a widely used 

software to perform analyses and compensation of springback effects during metal forming 

processes. The compensation is based on the deviation between the desired geometry and the 

received geometry but, since springback compensation is a non-linear problem, several 

iterations might be needed to obtain a part with acceptable tolerance. The compensation 

algorithm produces a compensated tool surface which can be used as a reference to generate 

high quality surfaces suitable for the milling process. It is also possible to use 3D-scanned data 

in order to determine the shape deviation. In this case, the compensation is not based on 

computed springback results, but from actual measured results. Although a deviation always 

exists between the FE-model and the reality, it has been shown by several authors that this 

method can give an accurate correlation between the simulations and the experimental data. 

Nowosielski et al. [25] presented the results of springback effect simulation and experiments 

on samples made of both alloy 625 and alloy 718. They observed an increase of the springback 

angle with an increase of deformation for samples deformed 30%, 45%, and 60% by rolling. 

Karafillis and Boyce [26] proposed a method for steel where the designed tooling produced a 

part which matched the desired shape, thereby compensated for springback. The work by Gan 

and Wagoner [27] shows a new method for designing general sheet-forming dies to produce a 

desired final part shape taking springback into account based on iteratively comparing a target 

part shape with a FE-simulated geometry. Finally, Odenberger et al. [28, 29] presented a 

systematic methodology for the design, compensation for springback, and manufacturing of 

deep-drawing prototype tools based on virtual tool design to produce five different double-

curved alloy 718 components. In addition, a method for compensating the forming tooling for 

accumulated forming and welding shape distortions has been developed and demonstrated in 

LS-DYNA by Schill and Odenberger [30]. 

1.5 Scope and limitations 

 

The scope of the present work is to accurately predict the amount of shape distortions that occur 

after each step of the manufacturing chain of a double-curved component made of alloy 718 

and Haynes® 282® nickel-base superalloys. Emphasis is on the sheet-metal forming procedures 

and resulting springback occurring at different temperatures. A comprehensive understanding 

of both the materials and processes involved is crucial to successfully obtain the final shape of 

the component within tolerance to the industry. 

 

The materials studied possess high-temperature anisotropy and time-dependant stress relaxation 

behaviour. Additionally, the elastic degradation with temperature and plastic strain, and the 

occurrence of the serrated-yielding phenomenon due to the dynamic strain aging (DSA) 

behaviour in nickel-base superalloys at temperatures ranging from 20 to 900 °C were 

considered together with studies of material failure characteristics at room temperature. The 
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complex material behaviour was studied and determined in a suitable format for use in the FE 

analyses. Numerous material models for hardening, yielding, and material failure exist in 

literature. In this work, the material models selected for calibration and evaluation were chosen 

keeping in mind the applicability to the industry. Therefore, advanced material models available 

in LS-DYNA were chosen to be evaluated for the specific materials and manufacturing 

processes except for when accounting for the stress relaxation behaviour, in which a user-

defined script in Fortran 77 was applied.  

 

The available experimental methods to characterize the mechanical properties of both materials, 

at a wide range of temperatures between 20 and 1000 °C, presented some limitations that needed 

to be developed. In the material-characterization tests, where the deformations were 

continuously measured using digital image correlation (DIC), a speckled pattern was applied 

on the surface of each specimen. Naturally, the obtention of accurate and reliable thermo-

mechanical data to input into the FE models required the stochastic pattern to withstand large 

deformations during testing. Therefore, a suitable combination of stochastic pattern and surface 

conditions was optimized to resist the severe conditions presented during testing. In addition, 

the measurement of accurate temperature data could be conducted with help of two different 

methods, i.e. type-K thermocouples or pyrometer. Depending on the position of the welded 

thermocouples on the surface of the specimen, i.e. on the edge or at a distance from the centre 

of the specimen, the temperature measurements could have a wide scattering. In addition, 

welding on the material influenced the strain at fracture, possibly induced micro-cracks that 

could act as stress-concentration nodes, which led to an earlier fracture of the specimen than 

those not welded. The alternative chosen in this work was to measure the temperature with a 

pyrometer pointed at the centre of the specimen. The emissivity was previously calibrated 

against a type-K thermocouple at each target temperature tested using the same testing 

conditions as during the material-characterization tests.  

 

An excessive elongation of the test specimens at high temperatures, especially between 900 and 

1000 °C, may cause that the area of the specimen under the influence of the induction coil move 

away from it, leading to a decrease of the temperature in the specimen and an extension of the 

stress–strain curve due to a change in the area with strain concentrations. A modification of the 

positioning of the induction coil and pyrometer to follow the centre of the specimen will be 

developed in future work. However, the final part of the affected stress–strain curves was not 

applied in this work since it was way beyond the start of diffuse necking and inhomogeneous 

deformation. 

 

The presence of serrations in the stress–strain curves due to the DSA behaviour of the material 

hindered the obtention of smooth and continuous input data into the FE models. A user-defined 

code, based on the smoothing-spline function in MATLAB R2014b, was developed to smooth 

the curves and get more accurate material properties. However, the calculation of the Young’s 

modulus via the DIC measurements was proven challenging, especially at high temperatures. 

The frame rate of 20 Hz used in the DIC system produced different slopes in the elastic region 

of the curve, yielding a large scattering of the Young’s moduli for specimens tested at the same 

target temperature. Consequently, the calculated initial yield stresses and hardening curves 

could be affected and severely influence the prediction of the models. The solution adopted in 

this thesis was to use the Young’s modulus obtained from the impulse excitation technique 

(IET) tests, in which the elastic properties of the material were measured during non-destructive 

tests at different temperatures [31]. The Young’s modulus was then calculated based on the 

damping frequency of the material, thus not being affected by strain rate during testing or frame 

rate used in DIC. This method was considered to be more accurate and the results similar to the 
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available literature. However, the IET technique was limited to measurements between 700 and 

800 °C for both alloys. Thus, the Young’s moduli at high temperatures was extracted from 

JMatPro®-V9 for the specific chemical composition of each alloy. 

 

A qualitative analysis of the frequency and amplitude of the serrations, that appeared in the 

stress–strain curves during the uniaxial tensile tests at high temperatures, was performed. A 

comprehensive and quantitative study, i.e. based on statistical methods, may provide extended 

knowledge of the types of serrations present. These results could be complemented by 

additional microstructural observations to define the different precipitates involved in each 

temperature, or after each step in the manufacturing chain. 

 

The viscous bulge test could only be performed at room temperature to determine the 

equibiaxial yield stress and hardening of the material without influence of friction. The test 

setup requires the use of a silicone punch, which limited the application of the testing method 

at higher temperatures. Therefore, it was not possible to obtain experimental data in the biaxial 

stress state between 150 and 1000 °C. Therefore, the biaxial yield stress of the material at 20 

°C was used to scale the corresponding biaxial yield stresses at higher temperatures assuming 

to follow the same tendency as in the yield stresses obtained from the uniaxial tensile tests along 

the rolling direction, i.e. in the longitudinal direction.  

 

Regarding the validation tests, the estimation of the friction coefficient for the forming 

simulations at room temperature was performed using an engineering method. The friction 

conditions valid in a forming procedure are complex in nature and constantly varying. For 

instance, the friction depends on the pressure, material transport velocity, surface 

characteristics, temperature, and plastic straining in the material. The approach in this work 

consisted on measuring the draw-in after the forming test and comparing it to the predicted 

values from the simulations. A more accurate value could be obtained from, i.e. pin-on-disc, 

strip tests, or other methods. Since a simple model to simulate the friction during forming was 

used, i.e. the Coulomb’s friction model, the mentioned engineering method was considered to 

be accurate enough. A comparison of the obtained friction values with literature showed a 

promising agreement, even at high temperatures. 

 

The use of electrical-heating cartridges during the hot forming tests in alloy 718 allowed to heat 

the surface of the tool up to 950 °C. However, some of the heating cartridges broke down after 

the hot forming test. Subsequent try-outs were not possible due to an extended breakage of 

several heating cartridges. Therefore, a new method to heat the tool up, based on inductive 

heating, was developed. Preliminary heating-up tests proved that this method was faster and 

more reliable than the electrical-heating cartridges. New hot forming tests in both alloy 718 and 

Haynes® 282® will be performed in future work.  
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2 Experimental methods 

 

This section aims to summarize the experimental methods used to characterize the alloy 718 

and Haynes® 282® superalloys studied at different temperatures, ranging from 20 to 1000 °C. 

The anisotropic behaviour of both materials required the performance of different types of 

thermo-mechanical material-characterization tests to obtain the necessary elasto-plastic data to 

use as input to the chosen thermo-mechanical anisotropic FE material model, i.e. the novel 

version of the Barlat Yld2000-2D model. The DIC system ARAMIS™ was used to measure the 

deformation of the specimens up to fracture. The hardening curves, yield stresses, and Lankford 

coefficients were obtained from uniaxial tensile tests in different directions with respect to the 

rolling direction. A viscous bulge test was performed at 20 °C to get the corresponding yield 

stress and Lankford coefficient in the biaxial stress state.  The elastic data, or Young’s moduli, 

were determined up to 700 – 800 °C using the non-destructive IET, whereas at high 

temperatures up to 1000 °C from the simulation software JMatPro®-V9. The degradation of the 

Young’s modulus with temperature and plastic strain was obtained from loading–unloading 

tests. Finally, the stress relaxation behaviour of both alloys was determined via stress relaxation 

tests. Other mechanical and physical properties, such as the variation of the density, Poisson’s 

ratio, thermal conductivity, thermal expansion coefficient, and specific heat with temperature 

were extracted from JMatPro®-V9, in which the chemical composition of the specific batch of 

alloy 718 and Haynes® 282® was considered. 

 

The predicted results from the FE analyses, such as springback after forming, distribution of 

damage, shape distortions after welding, and temperature were compared with corresponding 

validation tests, i.e. cold and hot forming, and welding tests, to assess the quality and accuracy 

of the simulations.  

2.1 Material characterization tests 

 

Uniaxial tensile tests were performed based on the SS-EN ISO 6892-1:2009 and SS-EN ISO 

6892-2:2011 standards at temperatures between 20 and 1000 °C to study anisotropy in stress 

and strain, and generate experimental reference data in the plane stress space for calibration of 

the anisotropic yield criterion. The specimens were laser cut in the longitudinal (L), diagonal 

(D), and transverse (T) directions with respect to the rolling direction. The edges of the 

specimens were gently grinded to minimize the heat effect from the laser-cutting procedure. 

The tests were performed using an MTS tensile test equipment with a load capacity of 100 kN, 

c.f. Fig. 2, at a strain rate of 0.0014 s−1 up to an engineering strain of 0.2% followed by a strain 

rate of 0.004 s−1 until fracture. The deformation of every test was continuously monitored using 

a facet size/step spatial resolution of 19 × 15 in the ARAMIS™ digital image correlation system 

after applying a heat-resistant stochastic pattern on the surface of the specimens. The frame 

rates were 12 and 4 Hz. Each specimen was heated up to the target temperature with help of an 

induction coil. The temperature at the centre of the surface of the elevated-temperature 

specimens was constantly measured and logged using an infrared sensor calibrated at each 

target temperature against a type-K thermocouple with an accuracy of ±1%. Figs. 3 and 4 

illustrates the original and smooth hardening curves obtained for alloy 718 and Haynes® 282®, 

respectively. 
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Fig. 2 Experimental setup for the uniaxial tensile tests between 20 and 1000 °C with a detailed view of the strain 

and temperature field measurements 

 

 
 

Fig. 3 (a) Original and (b) smoothed flow curves for alloy 718 between 20 and 1000 °C in the L direction  
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Fig. 4 (a) Original and (b) smoothed hardening curves for Haynes® 282® between 20 and 1000 °C in the L direction 

 

A silicone-rubber viscous bulge test [32] was performed to generate the biaxial experimental 

reference point used to calibrate the yield criterion. The tests were conducted at room 

temperature using a silicone punch in a Wemhöner hydraulic press with a stamping force 

capability of 1300 tons at 5 mm/s to induce a balanced biaxial (B) stress state in the specimen 

and determine the equibiaxial yield stress without the influence of friction. The ARAMISTM 

cameras were mounted on the upper die as depicted in Fig. 5. The geometry of the samples use 

in the uniaxial tensile and biaxial tests can be found in Paper B.  

 

 
 

Fig. 5 Wemhöner hydraulic press with detailed view of the viscous bulge test setup and strain field on the surface 

of the specimen during testing at 20 °C. Courtesy of VCBC (left) and RISE IVF AB (right) 
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The experimental points obtained from the material-characterization tests were used to 

construct the yield surface of both materials depending on the temperature. An example of the 

yield surface of Haynes® 282® at 20 °C is shown in Fig. 6. 

 

 
 

Fig. 6 Calibrated yield surface for Haynes® 282® at 20 °C with the experimental yield stresses in the L, D, and T 

directions, and in the B stress state  

 

Tests to determine the elastic data, i.e. the Young´s moduli, of alloy 718 were performed in the 

L direction up to 700 °C via the IET, where a vibration was induced in the specimen by a 

mechanical impulse, and the damping of each resonant frequency of the material was analysed 

[31]. The Young’s moduli of Haynes® 282® were determined using the same technique up to 

800 °C. Fig. 7 illustrates the test setup at high temperatures. The maximum testing temperature 

was limited by the recommended temperature working range of the test equipment. The 

Young´s modulus at each target temperature was predicted using simple linear regression, as 

presented in Fig. 8. The elastic data at higher temperatures up to 1000 °C were extracted from 

JMatPro®-V9. Tables 3 and 4 list the elasto–plastic mechanical properties of alloy 718 and 

Haynes® 282® determined by means of uniaxial tensile, viscous bulge, and IET tests together 

with data from JMatPro®-V9. 

 

 
 

Fig. 7 (a) Young’s modulus test setup and (b) measurement procedure at 900 °C 
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Fig. 8 Experimental E-moduli from the IET tests and predicted values using simple linear regression and 

JMatPro®-V9 for (a) alloy 718 and (b) Haynes® 282® at different temperatures 

 
Table 3 

Experimental mechanical properties for alloy 718 between 20 and 1000 °C in the L, D, and T directions, and in 

the B stress state  

 
Temperature 

[°C] 

E 

[MPa] 

Yield stress [MPa] Lankford coefficient 

L D T B L D T 

20 196220 502.43 489.87 480.56 538.00 0.761 0.912 0.960 

150 189980 436.46 426.38 426.21 467.36 0.753 0.825 0.868 

300 181910 376.12 373.63 376.62 402.74 0.759 0.860 0.889 

500 171150 355.68 357.12 355.84 380.87 0.825 0.924 0.955 

700 160390 359.40 354.26 354.50 384.84 0.831 0.961 0.943 

800 151935 352.99 334.55 340.45 377.98 0.799 0.913 0.929 

900 142716 149.41 135.03 146.92 159.99 0.879 1.002 0.999 

950 138633 133.59 125.10 137.62 143.04 0.893 1.008 1.002 

1000 134495 131.52 100.61 105.17 140.83 0.892 1.037 1.041 
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Table 4 

Experimental mechanical properties for Haynes® 282® between 20 and 1000 °C in the L, D, and T directions, 

and in the B stress state 

 
Temperature 

[°C] 

Young’s modulus 

[MPa] 

Yield stress 

[MPa] 

Lankford coefficient 

L L D T B L D T 

20 210380 447.88 413.21 427.41 476.56 0.845 0.875 0.984 

300 194580 326.71 --- --- 347.63 0.678 --- --- 

500 183000 288.85 262.47 280.90 307.35 0.693 0.768 0.807 

700 169121 306.63 283.79 293.01 326.26 0.753 0.846 0.863 

800 160973 369.09 275.83 306.69 392.72 0.824 0.766 0.882 

900 152511 367.12 363.77 352.15 390.63 0.845 0.895 0.925 

950 148163 189.86 212.00 215.84 202.02 0.884 0.936 1.011 

1000 143736 155.42 172.02 157.17 165.37 0.901 0.924 0.988 

 

The degradation of the Young’s modulus with temperature and plastic strain was determined 

by means of loading-unloading tests using the same setup as for the uniaxial tensile tests. The 

aim was to obtain accurate experimental data to use as input to the FE material model, which 

can account for the strain dependency of the Young’s modulus and simulate the variation of the 

elastic properties of both alloys during the hot forming process. Every specimen was unloaded 

at different strain levels according to the displacement sensor in the tensile test machine, being 

3%, 8%, 11%, and 19%. The results from the tests were used to scale the Young’s moduli 

determined via IET tests and JMatPro®-V9, between 20 and 1000 °C, according to the 

corresponding percentage variation found from the tests, as shown in Fig. 9.  

 

 
 

Fig. 9 Percentage variation of the Young’s modulus with temperature and strain for (a) alloy 718 and (b) Haynes® 

282® at different temperatures 
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The stress relaxation behaviour of the alloy 718 and Haynes® 282® was characterized between 

700 and 1000 °C via stress relaxation tests in the MTS tensile test machine. The specimens 

were tested up to 3% strain at a strain rate of 1.4 × 10−3 s−1. The specimens were held at those 

positions while the force, i.e. stress reduction with time was recorded. The occurrence of stress 

relaxation in the elastic region was not studied in this thesis but assumed a similar behaviour as 

reported by Odenberger et al. [33] during hot forming of Ti-6Al-4V. In order to protect the 

power cables to the induction coil from excessively high temperatures, only selected specimens 

were held up to 900 s holding time. Each curve was then smoothed and extrapolated up to 900 

s using a user-defined code in MATLAB R2017a. Fig. 10 shows the stress relaxation curves 

for both materials studied. 

 

 
 

Fig. 10 Original and smoothed (_sm) stress relaxation curves for (a) alloy 718 and (b) Haynes® 282® at different 

temperatures 

 

The geometries considered to calibrate the damage and failure model GISSMO, i.e. tensile 

(A10), plane strain (PS), shear (S45), and biaxial (B) are illustrated in Fig. 11. The diameter of 

the B specimens was 260 mm. The A10, PS, and S45 specimens were tested using the MTS 

equipment whereas the B specimens were tested using the hydraulic press with the help of a 

hemispherical punch by adhering to the Nakazima [34] test procedure, see Fig. 5. The 

specimens were laser cut with respect to the longitudinal rolling direction. The A10, PS, and 

S45 specimens were tested at a strain rate of 0.003 s−1 up to an engineering strain of 0.2% 

followed by a strain rate of 0.0065 s−1 until fracture. The B specimens were tested at a strain 

rate of 0.003 s−1. The strains were measured and evaluated using DIC with varying facet 

size/step resolutions to match the same minimum element size in the simulations.  
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Fig. 11 Specimen geometries used for the calibration of the GISSMO with corresponding strain fields prior 

fracture. All measurements are expressed in mm 

 

2.2 Validation tests 

2.2.1 Cold and hot forming 

 

Forming tests were performed at room temperature with an existing forming tool developed to 

manufacture a double-curved component in alloy 718. This component is applied as a 

demonstrator geometry throughout the work, i.e. strip geometry in Paper D and outer-case 

geometry in Papers A, B, and E – G. The tool setup is presented in Fig. 12a. The dimensions of 

the blank were 785 × 785 mm. During the forming operation, the die travelled in the negative 

z direction towards the punch at a speed of 25 mm/s with a blank-holder force of 2400 kN. Fig. 

12b shows the formed blank.  

 

 
 

Fig. 12 (a) Tool for the forming tests in alloy 718 at room temperature and (b) formed component 

 

A crash-forming test at elevated temperature was performed to validate the predicted shape 

distortions and temperatures from the hot forming FE simulations. The tool used for the forming 

experiments at room temperature was modified for this purpose. The punch and die were heated 

up to the desired forming temperature with help of 36 UTX electrical cartridge heaters, with 
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power ranges from 2000 to 2500 W each, strategically placed inside each tool part to obtain an 

evenly distributed temperature on the tool surfaces. Fig. 13 illustrates the CAD hot forming test 

setup. A detailed view of the tool parts is shown in Fig. 14. The punch and die were thermally 

insulated preventing heat transfer to the surrounding tool parts.  

 

 
 
Fig. 13 Hot forming tooling (CAD), with the formed part, punch, die, insulation material, and positioning pins. 

The heating cartridges are placed inside the holes in both the punch and die 
 

 
 
Fig. 14 Detailed view of the modified (a) punch and (b) die with the electrical-heating cartridges and insulation 

material  
 

The forming test was carried out using a Wemhöner hydraulic press with 1300 tons of press 

capacity at RISE IVF AB in Olofström. The punch and die surfaces were coated with boron 

nitride to calibrate the emissivity of a heat camera using a type-K thermocouple and measure 

the temperature distribution during heating and testing. A type-K thermocouple was welded on 

the left edge of the blank to measure its temperature during the heating and forming process. 

The blank was placed on the support pins, and the die was moved closer to the punch to heat 

the blank up to 950 °C. When the temperature of the part was stable, the die went back to its 

start position and the forming test began. Fig. 15 illustrates the hot forming sequence. The 

component was formed with a velocity of 5 mm/s and a stamping force of 1500 kN, followed 

by a holding time of 900 s in the closed-tool position. The average temperature of the blank, 
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between the start of the hot forming procedure and end of holding, was 872.6 °C. After forming, 

the part was removed from the tool and allowed to air cool down to room temperature. 

 

 
 
Fig. 15 (a) Blank placed on the support pins, (b) heating up of the blank to 950 °C, and (c) die at its start position 

prior start of the hot forming test 

 

2.2.2 Non-linear acoustic technique 

 

The nonlinear acoustic wavemodulation (NAW®) [35, 36] is a non-linear acoustic method used 

to measure the damage distribution over the drawbeads after cold forming in alloy 718 because 

of the observation of micro-cracks and open failure in one of the drawbeads after forming. The 

method detects nonlinearities in the material by analysing the distortion of a low-amplitude 

wave which is introduced into the specimen through a transducer and by tapping a hammer on 

47 different measurement points, therefore inspecting the material locally. Cracks and other 

effects distort the acoustic waves generated when propagating over the drawbeads in a non-

linear manner. The receiver acquires the signal and analyses the nonlinearity content of the 

propagated waves. The obtained signal shows the total value of the imperfections in the 

measured part, herein referred to as the damage value. The number and amplitude of 

nonlinearities is proportional to the amount of damage or defects in the specimen investigated. 

This test procedure was used to correlate the distribution of the damage value measurements 

with the predicted damage values applying a model for damage and failure. 

2.2.3 Welding 

 

The behaviour of alloy 718 during welding was studied via welding tests performed in a strip 

geometry extracted from the centre of the double-curved demonstrator component formed at 

room temperature, see section A in Fig. 16. The B sections were defined in the early stages of 

the project to perform preliminary welding tests, but they were not ultimately considered. The 

part was laser-welded using the bead-on-plate procedure with help of an IPG Photonics laser 

source, which was performed directly on the part without any filling material. A specific 

shielding gas was used to protect the heat-affected zone and the molten pool from contact with 

the atmosphere. The welding tests were performed by GKN Aerospace Engine Systems Sweden 

at PTC in Trollhättan. 

 



 

21 

 

 
 
Fig. 16 (a) Laser-cut strip geometry and (b) Sketch of the sections cut 
 

The strip geometry was placed on a welding fixture consisting of an insulation material that can 

resist high temperatures and loading, see Fig. 17. The fixture was design in CATIA V5R20 and 

its surface was compensated to fit the shape of the strip geometries. The component was 

clamped onto the fixture using 10 M8 bolts (12.9) tightened to 40 Nm each, corresponding to a 

clamping force of approximately 29 kN. The shielding gas was able to surround the whole 

system by flowing under the component through several gas holes placed along the welding 

path, as illustrated in Fig. 17a. The temperatures during welding were measured at five different 

positions along the welding path, see Fig. 17b, and logged using type-K thermocouples to 

compare the experimental temperature history with the FE predictions and estimate a suitable 

scale factor of for welding system, see Fig. 18. 

 

 
     

Fig. 17 (a) Welding fixture with the gas holes and (b) welded strip geometry with the thermocouples attached 
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Fig. 18 Measured and predicted temperature histories during welding at the following positions: (a) T1, (b) T2, 

(c) T3, (d) T4, and (e) T5  
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3 Finite element modelling 

 

The intent of this section is to summarize the basic principles of the FE models, available in the 

commercial FE code LS-DYNA, used to model the behaviour of the material and process 

conditions involved in each step of the manufacturing process chain. 

3.1 Thermo-mechanical forming 

 

The anisotropic Barlat Yld2000-2D [37] material model was applied in the cold forming 

simulation of the double-curved component in alloy 718 in LS-DYNA. It is a non-quadratic 

plane-stress yield function for anisotropic materials, which is formulated based on Equations 1 

– 3 as follows: 

 

𝑓 = Φ′ +Φ′′ − 2𝜎𝑎 = 0     (1) 

 

Φ′ = |s1 − s2|
a     (2) 

 

Φ′′ = |2s2 + s1|
a + |2s1 + s2|

a    (3) 

 

where f is the yield function, Φ′ and Φ′′ are two isotropic convex functions with respect to the 

three principal stresses, s1 and s2 are the principal deviatoric stresses, 𝜎 is the effective stress, 

and a is a material coefficient based on the crystallographic structure of the material. The 

exponent a determines the shape edginess of the yield surface, which is suggested in the Barlat 

and Lian [38] yield criterion to be equal to six for materials with a BCC crystal structure and 

eight for materials with an FCC crystal structure. 

 

By applying the linear transformation 𝑋 = 𝐶 ∙ 𝑠 to each of the isotropic functions defined by 

Equations 2 and 3, the following equations are obtained: 

 

Φ′ = |C′s1 − C′s2|
a = |X′1 − X′2|

a    (4) 

 

Φ′′ = |2C′′s2 + C′′s1|
a + |2C′′s1 + C′′s2|

a =   (5) 

= |2X′′2 + X′′1|
a + |2X′′1 + X′′2|

a 

 

where s is the deviatoric stress tensor, C′ and C′′ are the linear transformations, and X′1,2 and 

X′′1,2 are the principal values of the linearly transformed stress tensors. 

 

The Barlat Yld2000-2D material model comprises eight material parameters which were 

determined, in this study, by conducting uniaxial tensile tests in the L, D, and T directions with 

respect to the rolling direction, and an equi-biaxial test wherein a balanced biaxial stress state 

was obtained. From these tests, the yield stresses and Lankford coefficients were determined 

and used as inputs to the material model, c.f. Tables 3 and 4. The von Mises material model 

was represented using the Barlat material model, where the yield stresses were set the 

corresponding yield stress in the L direction and the Lankford coefficients were set to one in all 

directions. For alloy 718 and Haynes® 282®, the exponent a was assumed eight for the Barlat 

and two for the von Mises yield criterion, respectively. 
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Based on previous work by Barlat et al. [37], the novel version of the anisotropic Barlat 

Yld2000-2D material model [39], which allows the input of thermo-mechanical data, was used 

to model the behaviour of both alloy 718 and Haynes® 282® during the hot forming process. A 

coupled hot forming simulation was performed using the explicit and implicit solvers in LS-

DYNA R11.0.0 [40] for the mechanical and thermal calculations, respectively. In this case, the 

Poisson’s ratio, yield stresses, and Lankford coefficients in the L, D, and T directions, and in 

the biaxial stress state, are used as input to the model as load curves depending on the 

temperature. A 3D table containing the corresponding stress–strain curves depending on both 

the temperature and plastic strain rate, and a 2D table including the variation of the Young’s 

modulus with temperature and plastic strain, are used to finally calibrate the model. 

 

The input data needed to calibrate the model was obtained from the thermo-mechanical 

material-characterization tests defined in Section 2.1. The yield stresses and Lankford 

coefficients in the L, D, and T directions, were obtained from the uniaxial tensile tests at each 

target temperature. The biaxial yield stress of both alloys at 20 °C, obtained by means of the 

silicone-rubber bulge test [32], was used to scale the biaxial yield stresses at high temperatures 

up to 1000 °C, following the same tendency as in the yield stresses obtained from the uniaxial 

tensile tests in the L direction. The Lankford coefficient, in the biaxial stress state, was assumed 

equal to one at all temperatures. The Young’s moduli were determined by means of the IET 

between 20 and 700 °C, and 20 and 800 °C, for alloy 718 and Haynes® 282®, respectively. The 

simulation software JMatPro®-V9 was used to obtain the elastic data, variation of the density, 

Poisson’s ratio, thermal conductivity, and specific heat up to 1000 °C for the specific batches 

of both alloys. 

3.2 Damage and failure 

 

During the cold forming process in alloy 718, micro-cracks and open fractures occurred in one 

of the drawbead regions. An evaluation of the predicted strain values did not predict any risk 

of failure when the formability was evaluated using the FLD. The use of the FLD to evaluate 

formability is frequently discussed in the research society due to a lack of accuracy when, for 

instance, the strain path in the material is changing during deformation or the material is 

subjected to bending. The FLD is based on the evaluation of a membrane straining in the centre 

section of the material thickness [41]. However, it does not consider if the material is bent over 

a small radius, as in the case when the material flows over a drawbead. Therefore, a more 

advanced method to evaluate material failure was addressed in the project, a model for material 

damage and failure was chosen, calibrated, and applied in a forming simulation. In this work, 

the GISSMO damage model, available in LS-DYNA, was chosen for calibration using a set of 

material tests and evaluation methods. The GISSMO was developed by Daimler AG and 

DYNAmore GmbH for prediction of ductile fracture based on incremental damage 

accumulation, including softening and failure [42]. In this model, the fracture is assumed to 

occur because of the plastic-deformation history, implying that the material (gaussian point) 

fails when the damage parameter D reaches a critical value i.e. D = 1. The formulation of the 

GISSMO is based on the damage model proposed by Johnson and Cook [43] where the linear 

accumulation of the damage D depends on the ratio of the failure strain εf to the actual 

equivalent plastic strain increment 𝑑𝜀𝑝 [44]: 

 

𝐷 = ∫
𝑑𝜀𝑝

𝜀𝑓
< 1     (6) 
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When the damage reaches the value of 1, ultimate fracture is expected. The failure strain is 

defined as: 

 

𝜀𝑓 = (𝑑1 + 𝑑2𝑒
(−𝑑3𝜂)) [1 + 𝑑4 ln (

�̇�𝑝

�̇�0
)]    (7) 

 

where 𝑑1…𝑑4 are material constants, 𝜀�̇� is the rate of the von Mises equivalent plastic strain, 

𝜀0̇ is the reference strain rate, and 𝜂 is the stress triaxiality. Using Equation 6, a power-law 

function can be used to describe the accumulation of damage as a function of plastic strain if 𝜀𝑓 

is constant [44]: 

 

𝐷 = (
𝜀𝑝

𝜀𝑓
)
𝑛

      (8) 

 

By differentiating Equation 8, an incremental formulation is obtained for the non-linear damage 

evolution as proposed by Neukamm [42]. The expression for the GISSMO [45] is defined as 

follows: 

 

Δ𝐷 =
𝑛

𝜀𝑓(𝜂)
𝐷(1−

1

𝑛
)Δ𝜀𝑝     (9) 

 

where D is the damage value (0 ≤ D ≤ 1), n is the damage exponent, 𝜀𝑓(𝜂) is the fracture strain 

as a function of the triaxiality 𝜂, and Δ𝜀𝑝 is the plastic-strain increment. Assuming plane stress 

conditions (𝜎3 = 0), the triaxiality is defined as the ratio of the mean stress to the equivalent 

stress [42]: 

 

𝜂 =
𝜎𝑚

𝜎𝑣
      (10) 

𝜎𝑚 =
𝜎1+𝜎2

3
      (11) 

𝜎𝑣 = √𝜎12 + 𝜎22 − 𝜎1𝜎2     (12) 

 

Here, 𝜎𝑚 is the hydrostatic stress, 𝜎𝑣 is the equivalent von Mises stress, and 𝜎1 and 𝜎2 are the 

two principal stresses. The plastic deformation occurs when 𝜎𝑣 reaches the yield strength of the 

material. Nonetheless, the failure strains are input in this thesis as a weighing function defined 

as the curve of failure strain vs. triaxiality. 

 

The GISSMO model incorporates a path-dependent instability criterion to define the onset of 

diffuse necking. The equation for the same is similar to the damage accumulation expressed in 

Equation 9: 

 

Δ𝐹 =
𝑛

𝜀𝑝,𝑙𝑜𝑐(𝜂)
𝐹(1−

1

𝑛
)Δ𝜀𝑝     (13) 

 

where F is the forming intensity, n is the new accumulation exponent, 𝜀𝑝,𝑙𝑜𝑐 is the equivalent 

plastic strain for localisation, and Δ𝜀𝑝 is the increment in the current equivalent plastic strain. 

The forming intensity parameter F is then accumulated in a manner similar to that of the damage 

parameter D; however, a different weighting function is employed, which is defined as the curve 

of the instability strain vs. triaxiality. The forming intensity represents the onset of material 

instability and marks the beginning of the need for regularisation of different mesh sizes. The 

basic idea is to regularise the amount of energy dissipated during crack development and 
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propagation. When F reaches unity, the coupling of the accumulated damage to the stresses is 

initiated by modifying the effective-stress concept proposed by Lemaitre [46]:  

 

𝜎∗ = 𝜎(1 − 𝐷)     (14) 

 

where 𝜎∗ is the stress coupled to the damage, and 𝜎 is the current stress. By combining the 

process of material instability, a damage threshold could be defined [45]. As soon as the damage 

parameter D reaches this value, the damage and flow stresses will be coupled. The current 

implementation helps in either entering the damage threshold as a fixed input parameter or 

using the damage value corresponding to the instability point. After reaching the post-critical 

range of the deformation or beyond the point of instability, a critical damage DCRIT is determined 

and is used to calculate the effective stress tensor as follows: 

 

𝜎∗ = 𝜎 (1 − (
𝐷−𝐷𝐶𝑅𝐼𝑇

1−𝐷𝐶𝑅𝐼𝑇
)
𝑚

) for D ≥ DCRIT    (15) 

 

where m is the instability exponent governing the rate of stress fading, which directly influences 

the amount of energy dissipated during the element fade out. Both the damage exponent n 

(dmgexp) and fading exponent m (fadexp) control the way in which the true plastic stress–strain 

curve decreases (softening). When the material is fully damaged (D = 1), the stress in the 

integration point will be zero. When a user-defined number of integration points have failed, 

the element is deleted. 

3.3 Welding 

 

The thermo-elastoplastic material model *MAT_CWM was used for the welding simulations 

in LS-DYNA R10.0.0. The nonlinear implicit solver was used with a fixed timestep determined 

by the element length and weld speed. Based on the isotropic von Mises yield criterion with 

linear hardening, the material has several welding capabilities, e.g., ghost and annealing 

functionalities. For ghost elements, the material has negligible thermal and mechanical 

properties until it is activated at a specified user-defined temperature. This is convenient for 

distinguishing between the three different material states: i) solid—the material is always solid 

or a weld pass that has been previously activated; ii) liquid—the material is in a ghost state but 

will be activated during the current weld pass; and iii) ghost—the material that is not activated 

during the current weld pass but can be activated in a subsequent pass. In this study, no ghost 

material state was used, owing to the lack of filling material during the welding process. The 

annealing functionality is intended to simulate a limiting temperature range where the material 

behaves as an ideal elastic-plastic but with no evolution of plastic strains. Thus, both the back 

stresses and effective plastic strains are set as zero. *MAT_CWM also includes a temperature-

dependent thermal expansion coefficient. 

 

Fig. 19 illustrates the thermo-mechanical properties of alloy 718 used as input to the welding 

FE analysis. The variation of the thermal expansion coefficient, specific heat, Poisson’s ratio, 

and thermal conductivity with temperature were obtained from JMatPro®-V9 for the specific 

chemical composition of the material. The Young’s moduli and yield stresses were used as 

input to the model as curves depending on temperature from the material-characterization tests 

in Section 2.1. The hardening modulus was automatically calculated from the slope of the 

corresponding hardening curve. A more detailed explanation of the input data and theory behind 

the model can be found in [47]. The Goldak et al. [48] double-ellipsoid model was used for 

modelling the heat source, in which a volumetric heat load is applied to a volume with an elliptic 
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shape. The parameters of the Goldak double ellipsoid, presented in Table 5, were determined 

based on the welding experiments. The weld speed in the analysis was 13.3 mm/s under an 

applied weld power of 2.5 kW, assuming an efficiency factor that accurately predicts the 

measured temperature history of the five thermocouples at different distanced from the weld 

groove, c.f. Fig. 18. The thermal solution was implicit, with the same fixed timestep as the 

mechanical solution. 

 

 
 
Fig. 19 Thermomechanical properties of alloy 718 used in the welding FE analysis. (a) Thermal expansion 

coefficient, (b) specific heat, (c) Poisson’s ratio, and (d) thermal conductivity obtained from JMatPro®-V9, as 

well as (e) the E-moduli at temperatures exceeding 700 °C. The experimental E-moduli from the IET tests 

between 20 and 700 °C 

 
Table 5 

Parameters applied for the Goldak double-ellipsoid heat source model 

 

𝑸 [W] 𝒂𝒓 [mm] 𝒂𝒇 [mm] 𝒃 [mm] 𝒄 [mm] 

2500 5.80 2.30 2.50 2.84 
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4 Results and discussion 

 

This section is a selection of the main results presented in Papers A to G. The aim is to connect 

all the obtained results in each paper to the research question that motivated this thesis.  

4.1 Cold forming coupled with damage and failure 

 

In Paper A, the results from a preliminary cold forming simulation coupled with the GISSMO 

damage model in alloy 718 was presented. In the forming tests to manufacture a double-curved 

component made of alloy 718 at room temperature, the presence of micro-cracks and open 

fractures in the drawbead regions could not be predicted using the FLD. Even though the size 

and position of these cracks were not expected to severely influence the amount of shape 

deviation over the part, the presence of large-open fractures could affect the springback greatly. 

Therefore, it was of the most importance to accurately predict failure during forming and 

consider the history of the material in every step of the manufacturing process. The anisotropic 

Barlat Yld2000-2D material model was calibrated via uniaxial tensile and biaxial tests and 

coupled with the GISSMO damage model. A preliminary calibration of the GISSMO was 

included, where a few number of specimens were tested to cover the whole range of stress 

states, from shear to biaxial. The comparison of the final stage of the forming simulation, 

without and considering the GISSMO model, showed the potential of the method to predict 

failure in the same areas where cracks were observed from forming tests.  

 

The work presented in Paper B included an extended calibration of the GISSMO model. The 

case studied consisted on the manufacturing chain, i.e. forming, trimming, and springback, of 

a double-curved component made of alloy 718. Both the instability and failure strains of each 

specimen were measured and evaluated using a varying spatial resolution of the DIC images to 

be equivalent to the smallest element size in the forming simulation. A subsequent parameter 

calibration was performed to obtain both the damage and fading exponents, and to evaluate the 

hardening after the necking process. The mesh-size independence of the damage model was 

captured through the regularisation factors versus element size curve after simulating a uniaxial 

tensile test with varying mesh sizes from 1 to 5 mm. The regularisation stage was included in 

the model due to a large variety of mesh densities in the drawbead regions and over the double-

curved component. In addition, the GISSMO model was coupled with the isotropic von Mises 

and the anisotropic Barlat Yld2000-2D yield criteria to compare the effect of anisotropy on the 

predicted material failure in the forming simulations. The damage distribution over some of the 

drawbeads was measured using the NAW® method to validate the FE analyses. The measured 

damage distribution over the upper drawbead in Fig. 20c was in better agreement with the 

predicted damage values considering the anisotropic material model, c.f. Fig. 20b, where the 

highest damage values (presented in red) corresponded to the first elements deleted from the 

centre of the drawbead.  Using the Barlat model, the degree of springback of the part could be 

more accurately predicted than applying the von Mises yield criterion, as the distribution and 

amount of shape deviations were, in this case, underpredicted, see Fig. 21.  
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Fig. 20 Damage distribution over the double-curved part in alloy 718 at the onset of element deletion for the (a) 

von Mises, and (b) Barlat yield criteria, and (c) measured damage distribution on the upper drawbead based on the 

number and amplitude of the nonlinearities in the acoustic waves acquired at every measurement point 
 

 
 
Fig. 21 Predicted shape deviation on the double-curved component made of alloy 718 at the end of the forming 

process for the (a) von Mises, and (b) Barlat yield criteria, and (c) measured shape deviation. All measurements 

are in mm 
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4.2 Manufacturing chain simulation based on different FE 

solvers 

 

The manufacturing of advanced components for aero-engine structures, from a flat sheet to the 

final shape, usually requires several steps that may introduce residual stresses and shape 

distortions in the part. Depending on the magnitude, distribution, and whether the residual 

stresses are compressive or tensile, the service life of the component may be severely affected, 

especially when submitted to cyclic loading. In Paper C, the multi-step manufacturing process 

of an aerospace component including forming, trimming, springback, welding, and stress-relief 

heat treatment in the nickel-base superalloy 718 was modelled and simulated using two finite 

element software codes, i.e. LS-DYNA and MSC.Marc. This work was performed in close 

collaboration with the industrial PhD student Joachim Steffenburg-Nordenström at GKN 

Aerospace Sweden AB and Högskolan Väst. The aim was to evaluate similarities or differences 

owing to the FE codes and solvers when identical model input was applied. The predicted z 

displacement of the blank in the punch stroke direction, effective plastic strains, and von Mises 

stresses were compared between both FE codes. LS-DYNA predicted a slightly higher z 

displacement of the blank after forming than MSC.Marc. Following the same tendency, the 

magnitude of the effective plastic strains and residual stresses was approximately 30 and 40% 

higher when considering LS-DYNA, respectively. Further evaluation is needed in order to 

establish the cause for the discrepancies between the results presented from LS-DYNA and 

MSC.Marc.  

4.3 Prediction of shape distortions during forming and welding 

 

In Paper D, the multistage manufacturing process of a strip geometry, extracted from the 

double-curved component, made of alloy 718 was performed both numerically and 

experimentally. The coupling of different manufacturing analyses, i.e. cold forming, trimming, 

result mapping, springback, welding, cooling, and final springback, was included in the 

modelling of the manufacturing process chain. A comprehensive characterization of the thermo-

mechanical elastic and anisotropic plastic properties of alloy 718 at temperatures up to 1000 °C 

was performed. Forming and welding tests were carried out to produce a strip geometry in alloy 

718 and provide experimental data, which were used to compare the numerical predictions with 

the accumulative shape distortions and temperatures during welding. The aim of this work was 

to investigate the potential and applicability of the described method to the industry, where the 

use of limited number of tests and available FE material models are sufficient to predict the 

final shape of the component with high accuracy. The formed double-curved component was 

obtained from the forming tests at room temperature in Paper B. In addition, the calibrated 

GISSMO damage model was included in the forming FE analyses to assess its effect in the 

predicted springback and residual stresses in the part. Based on a comparison between the draw-

in of the formed double-curved component and the predicted values, it was concluded that the 

use of the GISSMO yielded closer values to the experimental observations.   

 

After forming and trimming of the strip geometry, the results from the forming simulation, i.e. 

element type, number of integration points, initial stresses, shell thicknesses, and effective 

plastic strains, were mapped to a more suitable element mesh for the welding analyses. The 

parameters of the Goldak double ellipsoid were chosen based on experimental observations of 

the weld groove, whereas an efficiency factor for the weld power was assumed to accurately 

predict the temperature history in five different positions along the welding path.  However, 

this work presented some simplifications. A suitable value of the friction coefficient for the 
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forming simulations was estimated using an engineering method. This procedure was 

considered to be accurate enough because of the assumption of a Coulomb’s friction model 

with a constant friction coefficient, well-known not being able to capture the complex nature 

of the progressively changing friction conditions existing in a forming procedure. In addition, 

the change from the anisotropic Barlat Yld2000-2D yield criterion in the forming analysis to 

the isotropic von Mises with linear hardening in the *MAT_CWM material model implied a 

reduced ability to accurately describe the behaviour of the material during welding.  

 

Despite the simplicity in the calibration of the anisotropic yield criterion, in which the shape 

edginess of the yield surface was assumed according to Barlat and Lian [38] and not further 

addressed by performing complementary material tests to adjust the exponent a, estimation of 

the Coulomb’s friction coefficient, and isotropic linear hardening in the welding material 

model, both the tendencies and magnitudes of the shape distortions of the forming and welding 

processes were well captured, see Figs. 22 and 23. The small disparity between the predicted 

and measured responses after coupled forming and welding were within the expected 

reproducibility in production, indicating that the model accuracy was sufficiently high. The 

findings underscored the importance of including the material history and proper process 

conditions along the manufacturing chain to accurately predict shape distortions and the final 

geometry of the component. 

 

 
 
Fig. 22 (a) Predicted and measured springback after forming of (b) Part 1 and (c) Part 2 in alloy 718. All 

measurements are in mm 
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Fig. 23 (a) Predicted and measured springback after welding of (b) Part 1 and (c) Part 2 in alloy 718. All 

measurements are in mm 

 

4.4 Effect of the temperature and holding time in hot forming 

 

Even though cold forming is usually preferred in the production of thin sheet-metal parts of 

nickel-base superalloys because of the relatively narrow hot-forming temperature range 

(between 925 and 1260 °C) and process difficulties, the formation of micro-cracks and open 

fractures may affect the springback of the part greatly, see Paper B. Hence, hot forming can be 

chosen to reduce the amount of residual stresses over the part and minimize the shape 

distortions as well as the formation of cracks. However, the prediction of the final geometry of 

a hot-formed part remains a challenge.  

 

In Paper E, the crash-forming procedure of a double-curved component made of alloy 718 was 

studied. The impact of using thermo-mechanical material data at 20 and 900 °C on the predicted 

effective plastic strains, residual stresses, and amount of springback was presented. The effect 

of including data from stress relaxation tests at 900 °C on the simulated springback was 

assessed. The use of material data at 900 °C decreased the predicted residual stresses on the 

double-curved component 63% with respect to the residual stress state at 20 °C. The application 

of data from the stress relaxation tests in the forming simulation at 900 °C yielded a reduction 

of the predicted residual stresses on the part up to 98%. A hot forming test with a holding time 

of 900 s was performed at around 900 °C to validate the FE simulations regarding springback, 

strain levels, forming temperatures, and press forces. The predicted springback in the part, 

considering data at 900 °C together with stress relaxation, yielded significant deviances with 

the experimental hot formed component, see Fig. 24. One reason may be the assumption of a 

constant temperature, on both the forming tooling and blank, of 900 °C throughout the forming 

analysis, which surely deviated from the experimental hot forming test. 

 

The results from this work showed the significance in considering the input data at high 

temperatures along with the stress relaxation behaviour at different strain levels to accurately 

predict the final geometry of the component. 
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Fig. 24 (a) Predicted and (b) measured springback after forming of alloy 718 at 900 °C. The FE analyses include 

the data from the stress relaxation tests. All measurements are in mm 
 

A more exhaustive study of the effect of temperature and holding time in hot forming of a 

double-curved component made of alloy 718 was presented in Paper F. A comprehensive 

material-characterization scheme was performed, between 20 and 1000 °C, to get accurate 

material data to use as input to the novel version of the Barlat Yld2000-2D material model, 

which allows the use of thermo-mechanical data to model the behaviour of the material at high 

temperatures. The effect of considering stress relaxation data on the predicted shape distortions 

was evaluated. A qualitative analysis of the shape and frequency of serrations present in the 

stress–strain curves, due to the DSA behaviour, was complemented with microstructural 

observations of selected specimens at 20, 700, and 1000 °C. The temperature of the blank during 

the hot forming test was logged with help of a type-K thermocouple and updated to an average 

value of 872.6 °C in the FE analyses. Moreover, four different temperature zoned on both the 

punch and die were identified and mapped to the respective nodes in the FE model.  

 

The DSA phenomenon was clearly present between 300 and 800 °C caused by the interactions 

between interstitial and substitutional solutes with mobile dislocations. Major deviations 

beyond the sheet thickness were found when not considering data from the stress relaxation 

tests, as illustrated in Fig. 25.  However, the predicted springback considering the stress 

relaxation data of the material in Fig. 26 showed encouraging agreement with the experimental 

measurements, see Fig. 27. Therefore, it could be concluded that the use of an anisotropic 

material model coupled with thermo-mechanical analysis, and considering the stress relaxation 

behaviour, could accurately predict the final shape of a nickel-base superalloy component with 

interest to the aerospace industry. 
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Fig. 25 Predicted shape distortions at different stages of the hot forming procedure of alloy 718 at 872.6 °C after 

springback. All measurements are in mm 
 

 
 
Fig. 26 Predicted shape distortions at different stages of the hot forming procedure, considering stress relaxation, 

of alloy 718 at 872.6 °C after springback. All measurements are in mm 
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Fig. 27 Measured springback after the hot forming procedure. All measurements are in mm 
 

The residual stresses over the part in Figs. 25 and 26 changed with holding time, with a tendency 

to decrease at t = 50 s and increase at t = 912 s. However, no stress relaxation was included in 

the simulation. The variation of the residual stresses with time and temperature is connected to 

the change in the properties of the material. The yield surface for alloy 718 continuously 

decreased with temperature, with an abrupt reduction at 900 °C, see Fig. 28. At the same time, 

the increment of the temperature of the part during holding, as illustrated in Fig. 29, produced 

distortions in the yield surface which, depending on the stress state in the material, increased 

the plastic distortions over the part. 

 

 
 
Fig. 28 Calibrated yield surfaces for alloy 718 between 700 and 950 °C 
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Fig. 29 Predicted temperature distribution at different stages of the hot forming procedure in alloy 718 
 

Finally, a numerical study of a hot forming procedure of a double-curved component in 

Haynes® 282® was presented in Paper G. The influence of the forming temperature and holding 

time on the predicted amount of springback at different stages of the hot forming procedure was 

assessed. The resulting shape distortions were compared with identical FE analyses in alloy 718 

at 872.6 °C, see Paper F. The anisotropic properties of the material were determined at 

temperatures ranging from 20 to 1000 °C. A qualitative analysis of the different types of 

serrations present in the hardening curves between 300 and 900 °C was included in the study. 

Microstructural observations of selected specimens were correlated to the material-

characterization tests. The thermo-mechanical data was used as input to the novel version of 

the Barlat Yld2000-2D material model in LS-DYNA.  

 

The predicted springback results shown in Fig. 30 concluded that forming of Haynes® 282® at 

872.6 °C produced high shape distortions over the part, with values beyond the sheet thickness. 

In contrast, increasing the forming temperature of Haynes® 282® up to 950 °C resulted in a 

reduction of the predicted springback comparable to the results reported for alloy 718 at 872.6 

°C. A comparison of the determined scale factor for the stress relaxation rate with available 

data for alloy 718 at 872.6 °C in Paper F revealed that Haynes® 282® relaxed about 50% less 

than alloy 718, whereas reasonably analogous at 950 °C. The consideration of stress relaxation 

data, together with an increment of the forming temperature to 950 °C, significantly reduced 

the amount of springback in both alloys, see Fig. 31. Therefore, it could be concluded that 

forming of Haynes® 282® required a higher temperature than reported for alloy 718 to reach 

similar amount of springback. The presented studies indicated that the use of advanced 

anisotropic models together with the thermo-mechanical properties and stress relaxation 

behaviour of the material was of utmost importance to accurately predict the final geometry of 

lightweight components of interest to the aerospace industry. 

 

Same as noted for alloy 718 in Figs. 25 and 26, the residual stresses over the part in Haynes® 

282® progressively reduced with time, even though no stress relaxation behaviour was included 

in the FE analyses, see Figs. 30 and 31. The effect of the holding time and temperature during 

the hot forming simulation on the mechanical properties of the material influenced the 

corresponding yield surface. In this case, the temperature distribution over the part was in 

accordance to alloy 718, as shown in Fig. 29. The yield surface of Haynes® 282® varied in shape 

between 700 and 950 °C, see Fig. 32, expanding up to 900 °C, whereas decreasing at 950 °C. 
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Fig. 30 Predicted springback [mm] for Haynes® 282® at (a) – (c) 872.6 °C and (d) – (f) 950 °C, and (g) – (i) alloy 

718 at 872.6 °C 
 

 
 
Fig. 31 Predicted springback [mm] considering stress relaxation for Haynes® 282® at (a) – (c) 872.6 °C and (d) – 

(f) 950 °C, and (g) – (i) alloy 718 at 872.6 °C 
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Fig. 32 Calibrated yield surfaces for Haynes® 282® between 700 and 950 °C 
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5 Conclusions 

 

Based on the research question and aims formulated in Section 1.2, the following conclusions 

can be extracted from this thesis: 

• The differences between the yield stresses and Lankford coefficients in different rolling 

directions, and at temperatures between 20 and 1000 °C, prove the dependence of the 

anisotropy for alloy 718 and Haynes® 282® with temperature.   

• The GISSMO damage model can accurately predict the evolution of damage and 

formation of cracks in a forming simulation of alloy 718 at room temperature. The non-

linear acoustic technique constitutes a powerful tool to validate the predicted 

distribution of damage in a formed component made of alloy 718. 

• The use of an anisotropic material model better predicts the behaviour of alloy 718 and 

Haynes® 282® than an isotropic yield criterion.  

• LS-DYNA and MSC.Marc are capable FE tools to model and simulate the 

manufacturing process chain of a component of interest to the aerospace industry. 

However, some discrepancies in the predicted strains, stresses, and final geometry have 

been found between both codes despite striving to model the procedures in a similar 

way. A more detailed study would be necessary to identify the reasons for the deviances. 

• The manufacturing chain of a strip geometry, extracted from a double-curved 

component in alloy 718 formed at room temperature, was accurately predicted. The 

history of the material from the forming stage was used as input to the welding FE 

analyses. The predicted temperatures in five different positions along the welding path 

were in good agreement with measured temperature values from validation welding 

tests.  

• Both the tendencies and magnitudes of the shape distortions from the forming and 

welding processes were well captured. The results validate the potential and 

applicability of the described method to the industry, where the use of limited number 

of tests and available FE models is sufficient to predict the final shape of the component 

with acceptable accuracy. 

• The modification of an existent forming tool proved successful to perform hot forming 

tests in alloy 718 up to 950 °C. 

• The consideration of holding time in the closed stage of the forming tool and stress 

relaxation data on a hot forming simulation showed a significant reduction in the 

predicted residual stresses and springback. However, the use of accurate material and 

process data, such as the temperature in the blank and tool parts, is key to accurately 

predict the final shape of the component with high accuracy. 

• The novel version of the Barlat Yld2000-2D material model, which allows the input of 

thermo-mechanical data in combination with transformation of the residual stresses 

according to the stress relaxation behaviour, allows an accurate prediction of the 

behaviour of both materials at high temperatures. 

• The DSA phenomenon is present in alloy 718 and Haynes® 282® between 300 and 700 

°C, and 300 and 900 °C, respectively. Forming of the alloys at higher temperatures may 

avoid, or minimize, the occurrence of the serrated yielding phenomenon while 

improving the formability of the blank.  

• Haynes® 282® relaxes about 50% slower than alloy 718 at 872.6 °C, whereas reasonably 

analogous at 950 °C. The forming temperature of Haynes® 282® needs to be increased 

around 70 °C compared to alloy 718 to reach a similar amount of predicted springback 

over the part. 
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• The use of the FE method has proven the potential to aid in the prediction of the 

behaviour of the materials studied from 20 to 1000 °C. 
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6 Outlook 

 

The modelling of a multi-stage manufacturing chain is a challenging process. A wide variety 

of parameters from both the material and process need to be accounted for in order to 

successfully predict the final shape of the component of interest with high accuracy. The 

complexity associated with the modelling of a complete manufacturing process makes it 

inevitable to adopt certain experimental and numerical assumptions. Even though the predicted 

shape distortions in the present thesis showed a promising agreement with the measured values, 

further development of experimental and numerical techniques has the potential to increase the 

accuracy of the predictions.   

 

One way to improve the input data to the FE models could be to develop the viscous bulge test 

procedure to determine the balanced biaxial yield stress of the material at high temperatures. A 

deeper understanding of the formability of both alloys could be achieved with the performance 

of supplementary hot Nakazima tests at 600 C, corresponding to the working limit temperature 

of the test tool material. 

 

A user-defined code was used to scale the residual stresses obtained from the hot forming FE 

simulation. The consideration of stress relaxation data to simulate the holding stage, during a 

hot forming procedure, proved to be of utmost importance in the prediction of shape distortions 

after hot forming with high accuracy. However, this procedure assumed a constant temperature 

of the blank. A future improvement could be to develop a more advanced method to transform 

the residual stresses based on each nodal temperature and plastic strain level in the part. 

Additional stress relaxation tests in the elastic range of both materials could cover the overall 

range of the effective plastic strains in the forming simulation.  

 

Additional hot forming tests in Haynes® 282® using inductive heating need also to be performed 

as validation to the FE hot forming simulations. The FE analyses in Haynes® 282® could then 

be updated with the experimental temperatures of both the part and tool parts. The predicted 

shape distortions will also be updated and compared to the 3D-scanned geometry of the part 

after the hot forming test. 

 

In future work, a manufacturing chain of a bi-metallic strip geometry made of alloy 718 and 

Haynes® 282® would be of interest to the industry. Such manufacturing process could use the 

resultant double-curved geometry from the hot forming FE analysis in alloy 718 in Paper F and 

updated hot forming simulation in Haynes® 282®. The residual stresses, shell thicknesses, and 

effective plastic strains could be mapped to the welding element mesh used in Paper D. An 

implicit springback simulation will be performed prior the welding FE analysis, where half of 

each resultant strip geometry will be welded together following the butt joint weld technique 

with filling material. The effect of both materials on the accumulated shape distortions over the 

part will be assessed. This methodology may support future potential studies of modelling a 

manufacturing chain of a lightweight bi-metallic component in nickel-base superalloys of 

interest to the aerospace industry.  
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Abstract 

 

Nickel-based superalloys are primarily used in the hot sections of aircraft engines because they 

can maintain their mechanical properties and chemical stabilities at high temperatures under 

severe corrosive environments i.e. for a long time. In order to simulate forming procedures in 

Alloy 718 sheets, the GISSMO damage and failure model is coupled with both isotropic von 

Mises and anisotropic Barlat YLD2000 material models in the finite element code LS-DYNA. 

In this study, the calibration of the GISSMO model for forming simulations at room temperature 

is discussed. The calibration requires failure strains for different stress states as a function of 

triaxiality, which are obtained by testing six different specimen geometries up to fracture. 

Numerical predictions will be compared with experimental observations from forming tests. 

 

1. Introduction 

 

New manufacturing methods for load carrying structures in advanced materials i.e. titanium 

and nickel-based superalloys allow flexible designs in which each part is made of the most 

suitable material state in order to reduce both product cost and weight while increasing engine 

efficiency. When modeling forming procedures in nickel-based superalloys, standard material 

models such as isotropic von Mises and anisotropic Barlat YLD2000 are not capable of 

accurately predict the behaviour of the material after the point of necking. In order to solve this 

problem, Daimler AG and DYNAmore GmbH developed a model called GISSMO 

(Generalized Incremental Stress State dependent damage MOdel) for the prediction of ductile 

damage which can be implemented in the solver LS-DYNA, see Neukamm et al. [1]. It assumes 

that failure occurs due to the plastic deformation history of the material, meaning that fracture 

is expected when the damage value is equal to 1. 

 

This work presents some results of the calibration of the GISSMO damage model and compares 

the numerical predictions with experimental observations from forming tests at room 

temperature in Alloy 718. During a forming test, small cracks or failure were observed in the 

draw bead regions which was not indicated when formability was evaluated using a forming 

limit curve c.f. Figs. 3b and 3c. 

 

2. Procedures, results and discussion 

 

The studied material is an Alloy 718 sheet with a nominal thickness of 2.54 mm in the solution 

annealed condition. The calibration of the GISSMO damage model requires a strain to fracture 

εf  versus triaxiality η curve for different specimen geometries that correspond to different stress 

states. Six geometries are used i.e. tensile (A10, A50, A80), plane strain (PS), shear (S15°) and 

biaxial (B). Tensile, plane strain and shear specimens are tested at room temperature using an 

MTS tensile test equipment with a load capacity of 100 kN, while biaxial/Nakazima specimens 

are tested in a Wemhöner hydraulic press with a force capacity of 1300 tons. All tests are 

continuously evaluated with the ARAMIS™ digital image correlation system, see Fig. 1. 
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Fig. 1 ARAMIS™ strain field before fracture of (a) A10, (b) PS, (c) S15°, and (d) B specimens 

 

The geometries of the specimens are verified prior to testing in LS-DYNA in order to get similar 

triaxiality values as found in Haufe et al. [2]. The specimen geometries are meshed on LS-

PrePost using full integrated shell elements (type 16) with 7 integration points through the 

thickness. Both simulated and experimental εf vs. η curves are shown in Figs. 2a and 2b, 

respectively, showing good agreement. 

 

 
 

Fig. 2 Failure strain versus triaxiality curves in alloy 718 at room temperature for both (a) simulations in LS-

DYNA and (b) experimental tests 

 

The stress triaxiality values are obtained from the tests using the algorithm from Marth et al. 

[3]. The local deformation gradients are exported from ARAMIS™ and used in the algorithm to 

obtain the true stress-strain relation beyond the point of necking until fracture. Using the von 

Mises yield criterion, the local strain state can be used to calculate the local stress state while 

assuming plane stress condition.  

 

The GISSMO damage model is then implemented in cards 3 and 4 of the LS-DYNA keyword 

*MAT_ADD_EROSION and activated by the first flag IDAM = 1. With DMGTYP = 1, the 

damage in the material is accumulated and element failure occurs for D = 1. Both failure 

(LCSDG) and instability (ECRIT) curves are obtained from the experimental tests, while the 

damage exponent DMGEXP and the fading exponent FADEXP are identified by an 

optimization procedure.  Finally, the GISSMO damage model is used together with von Mises 

and Barlat YLD2000 material models in a forming simulation of an Alloy 718 sheet at room 

temperature. In this work, higher true plastic strain values are found on one of the draw beads, 

Fig. 3a, in agreement with forming tests where some cracks appeared in the same area, Fig. 3b. 

The same forming simulation but without taking into account the mentioned damage model, 

see Fig. 3c, indicates no risk of cracks using the forming limit curve (FLC), thus not being 

capable of predicting failure. 
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Fig. 3 Comparison between (a) forming simulation showing high plastic strain values on the same draw bead 

where some cracks appeared during forming tests, (b) damaged draw bead from a forming test in Alloy 718 at 

room temperature, and (c) forming simulation where the FLC indicates no risk of cracks on the drawbeads 

 

The calibration of the GISSMO damage model as input for forming simulations in Alloy 718 

at room temperature is discussed. The stress triaxiality values for all specimens show a good 

agreement with literature. Forming simulations predict high strain values in the same areas 

where cracks appeared in the forming tests, suggesting that large damage is present. 
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Abstract 

 

Forming nickel-based superalloy aero-engine components is a challenging process, largely 

because of the risk of high degree of springback and issues with formability. In the forming 

tests conducted on alloy 718 at room temperature, open fractures are observed in the drawbead 

regions, which are not predicted while evaluating the formability using the traditional forming-

limit diagram (FLD). This highlights the importance of an accurate prediction of failure during 

forming as, in some cases, may severely influence the springback and thereby the accuracy of 

the predicted shape distortions, leading the final shape of the formed component out of 

tolerance. In this study, the generalised incremental stress-state dependent damage model 

(GISSMO) is coupled with the isotropic von Mises and the anisotropic Barlat Yld2000-2D yield 

criteria to predict the material failure in the forming simulations conducted on alloy 718 using 

LS-DYNA. Their effect on the predicted effective plastic strains and shape deviations is 

discussed. The failure and instability strains needed to calibrate the GISSMO are directly 

obtained from digital image correlation (DIC) measurements in four different specimen 

geometries i.e. tensile, plane strain, shear, and biaxial. The damage distribution over the 

drawbeads is measured using a non-linear acoustic technique for validation purposes. The 

numerical simulations accurately predict failure at the same regions as those observed in the 

experimental forming tests. The expected distribution of the damage over the drawbeads is in 

accordance with the experimental measurements. The results highlight the potential of 

considering DIC to calibrate the GISSMO in combination with an anisotropic material model 

for forming simulations in alloy 718. 

 

1. Introduction 

 

Currently, the reductions in fuel consumption and carbon dioxide emissions are key factors for 

the aviation industry because of major concerns regarding climate change and more restrictive 

environmental laws. One of the methods of reducing both fuel consumption and CO2 emissions 

is by significantly decreasing the weight of vehicles while increasing the efficiency of the 

engine. According to the Advisory Council for Aeronautics Research in Europe (ACARE), the 

aviation industry has set targets for 2050 to reduce CO2 emissions by 75% and NOx by 90% 

compared to levels observed in 2000 [1]. To meet these requirements, the European aero-engine 

industry is continuously focusing on improved engine designs and alternative manufacturing 

methods for load-carrying structures in advanced materials, such as titanium and nickel-based 

superalloys. Unlike conventional large-scale single castings, new manufacturing methods 

involve sheet-metal parts, small castings, and forgings assembled using welding. The new 

manufacturing methods imply possibilities to achieve flexible designs, where each part is made 

of the most suitable material state with advantages such as reduced product cost, lower weight, 

and increased engine efficiency. 

 

Presently, nickel-based superalloys are mainly employed in the hot sections of gas-turbine 

engines in military and civil aircraft [2]. In this study, an outer case sheet-metal component 

made of alloy 718 is analysed. It is located in the rear part of the jet engine, called the turbine 

exhaust case (TEC), with working temperatures up to 650 °C, see Fig. 1. The geometry of the 

component is shown in Fig. 2. In the forming tests to produce the component at room 
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temperature, micro-cracks and open fractures were observed in the drawbead regions c.f. Figs. 

3a and 3b, which could not be predicted while evaluating the formability using the forming-

limit diagram as depicted in Fig. 3c. Even though the size and position of these cracks are not 

expected to severely influence the amount of shape deviation over the part, the presence of 

large-open fractures may affect the springback greatly. Therefore, it is of the most importance 

to accurately predict failure during forming and consider the history of the material in every 

step of the manufacturing process. 

 

The generalised incremental stress-state dependent damage model (GISSMO) is a model used 

to predict the ductile damage, which is implemented into the finite element (FE) code LS-

DYNA and it can be coupled with existing elasto–plastic material models such as von Mises 

(*MAT_024), Barlat Yld2000-2D (*MAT_133), or Barlat '89 (*MAT_226) for both metal 

forming and crashworthiness simulations. In the model, the failure is assumed to occur because 

of the plastic-deformation history of the material, implying that the damage in the material is 

accumulated and fracture is expected when the damage reaches a critical value. To calibrate the 

GISSMO model, the fracture and instability strains versus triaxiality curves are required for 

different stress states which, in this study, are obtained through testing four different geometries 

until fracture using the digital image correlation system ARAMIS™. This approach has also 

been used by other authors in different materials such as Anderson [3] in the dual-phase steel 

sheet grade DP780, Till [4] in the HCT980C complex-phase steel or Huang [5] in an USIBOR 

steel grade. Another approach consisting of calibrating the GISSMO by inverse modelling has 

also been applied by Andrade [6] in DP800. Heibel [7] combined these two approaches and 

calibrated the GISSMO in DP1000 using both experimental data together with DIC 

measurements and inverse modelling. No previous applications of the GISSMO in nickel-based 

superalloys have been found in literature. A subsequent parameter calibration is performed 

using LS-OPT considering the smallest element length to obtain both the damage and fading 

exponents and to evaluate the hardening after the necking process. The mesh-size independence 

of the damage model is captured through the regularisation factors versus element size curve. 

It is determined after simulating a uniaxial tensile test with varying mesh sizes from 1 to 5 mm. 

 

In this study, the GISSMO is calibrated using DIC and employed to predict the damage and 

failure in the forming simulation of the outer case component in alloy 718. The damage 

distribution over the part is measured using the NAW® method with the help of non-linear 

ultrasounds [8, 9]. The predicted FEA results are compared with both experimental forming 

tests and damage measurements at room temperature. 

              

 
 

Fig. 1 Location of the double-curved component studied: (a) GP7000 TEC engine, (b) TEC, (c) sub-assembly, and 

(d) outer case geometry. The turbine exhaust case consists of thirteen different subassemblies (courtesy of GKN 

Aerospace Sweden) 
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Fig. 2 Geometry of the outer case component. All measurements are expressed in mm 

 

 
 

Fig. 3 (a) Non-linear acoustic technique test setup on a drawbead, (b) detailed view of micro-cracks found on the 

upper drawbead of the double-curved component in alloy 718 at room temperature, and (c) FLD (middle shell 

layer) of the alloy 718 showing no risk of cracks in the formed part at the end of the forming process 

 

2. Material 

 

The material studied in this work is the alloy 718 (UNS N07718) with a sheet thickness of 2.6 

mm in the solution-annealed condition. The chemical composition extracted from the material 

certificate is listed in Table 1. 

 
Table 1 

Chemical composition of the specific batch of alloy 718 [wt%] 

 
C S Mn Si Cr Mo Co Ti Al B Zr 

0.019 <0.0003 0.07 0.07 17.78 2.88 0.15 1.05 0.48 0.004 <0.01 

Fe Cu Ni P Nb Ta W V Nb + Ta Ti + Al Ni + Co 

18.47 0.03 53.86 0.008 5.05 <0.01 0.02 0.03 5.06 1.53 54.01 
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3. Experimental procedure 

 

This section briefly describes the experimental procedures followed to determine the 

mechanical properties of the material and the experimental reference data for the calibration of 

the material models used. It also includes the non-linear acoustic technique used to compare the 

predicted damage values with experimental measurements. 

 

3.1. Material-characterization tests 

 

Uniaxial tensile tests were conducted in three different directions with respect to the rolling 

direction: longitudinal (L), transverse (T), and diagonal (D) according to the SS-EN ISO 6892-

1:2009 standard using an MTS tensile test equipment with a load capacity of 100 kN c.f. Fig. 

4a. The tests were performed at a strain rate of 0.0014 s−1 up to an engineering strain of 0.2% 

followed by a strain rate of 0.004 s−1 until fracture. The deformation of every test was 

continuously monitored using a facet size/step of 19 × 15 in the ARAMIS™ digital image 

correlation system after applying a stochastic pattern on the surface of the specimens. This facet 

was equivalent to the smallest element size of 1 mm in the forming simulation. Fig. 5 shows 

the geometry of the tensile specimens. 

 

A viscous bulge test [10] was performed at room temperature using a Wemhöner hydraulic 

press with a stamping force capability of 1300 tons at 5 mm/s to induce a balanced biaxial stress 

state in the specimen and determine the equibiaxial yield stress without the influence of friction. 

The diameter of the blank is 200 mm. The ARAMIS™ cameras were mounted on the upper die 

as depicted in Fig. 4b. 

 

The results from the tests are presented in Figs. 9 and 10 while the experimental yield stresses, 

R-values, and anisotropic parameters of the Barlat Yld2000-2D material model are listed in 

Table 2.           

 

 
 

Fig. 4 (a) MTS tensile test machine, and (b) Wemhöner hydraulic press with detailed view of the viscous bulge 

test set up 

 

 
 

Fig. 5 Specimen geometry for the uniaxial tensile tests. All measurements are expressed in mm 
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Four different geometries are considered to calibrate the damage and failure model GISSMO. 

Tensile (A10), plane strain (PS), and shear (S45) specimens were tested using the MTS 

equipment whereas the biaxial (B) specimens were tested using the hydraulic press with the 

help of a hemispherical punch by adhering to the Nakazima [11] test procedure. The specimens 

were laser cut with respect to the longitudinal rolling direction. Fig. 6 shows the specimen 

geometries used. The diameter of the B specimens is 260 mm. The A10, PS, and S45 specimens 

were tested at a strain rate of 0.003 s−1 up to an engineering strain of 0.2% followed by a strain 

rate of 0.0065 s−1 until fracture. The B specimens were tested at a strain rate of 0.003 s−1. Both 

the instability and failure strains were measured and evaluated using DIC with a facet size/step 

of 15 × 12 (A10), 18 × 14 (PS), and 15 × 12 (B) equivalent to a 1 mm element size. The S45 

geometry was evaluated with a facet size/step of 10 × 7 which corresponded to an element size 

of 0.5 mm. 

 

 
 

Fig. 6 Specimen geometries used for the calibration of the GISSMO including the strain fields prior fracture. All 

measurements are expressed in mm 

 

3.2. Non-linear acoustic technique 

 

The Nonlinear Acoustic Wavemodulation (NAW®) is a non-linear acoustic method used to 

measure the damage distribution over the drawbeads after forming. The method detects 

nonlinearities in the material by analysing the distortion of a low-amplitude wave which is 

introduced into the specimen through a transducer and by tapping a hammer on 47 different 

measurement points, therefore inspecting the material locally, see Fig. 3a. Cracks and other 

defects distort the acoustic waves generated when propagating over the drawbeads in a non-

linear manner. The receiver acquires the signal and analyses de nonlinearity content of the 

propagated waves, as shown in Fig. 7a. The obtained signal shows the total value of the 

imperfections in the measured part, herein referred to as the damage value. For an undamaged 

specimen, a single frequency sinusoid is transmitted through the material. The signal is received 

without any distortion and the response from the transmitted signal is then the same undistorted 

sinusoid, see Fig. 7b. On the other hand, for a damaged specimen, nonlinearities such as higher 

harmonics appear in the received signal as depicted in Fig. 7c. The number and amplitude of 

nonlinearities is proportional to the amount of damage or defects in the specimen investigated. 

A damage value is obtained for each measurement point c.f. Fig. 17c. 
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Fig. 7 (a) Schematic of the nonlinearity in a propagated wave, and amplitude of the nonlinearities in a (b) 

undamaged, and (c) damaged objects 

 

4. Numerical procedure 

 

The Barlat Yld2000-2D [12] material model is applied in the forming simulation. It is a non-

quadratic plane-stress yield function for anisotropic materials, which is formulated based on 

Equations 1–3 as follows: 

 

𝑓 = Φ′ +Φ′′ − 2𝜎𝑎 = 0     (1) 

 

Φ′ = |s1 − s2|
a     (2) 

 

Φ′′ = |2s2 + s1|
a + |2s1 + s2|

a    (3) 

 

where f is the yield function, Φ′ and Φ′′ are two isotropic convex functions with respect to the 

three principal stresses, s1 and s2 are the principal deviatoric stresses, 𝜎 is the effective stress, 

and a is a material coefficient based on the crystallographic structure of the material. The 

exponent a is suggested in the Barlat and Lian [13] yield criterion to be equal to six for materials 

with a BCC crystal structure and eight for materials with an FCC crystal structure. 

 

By applying the linear transformation 𝑋 = 𝐶 ∙ 𝑠 to each of the isotropic functions defined by 

Equations 2 and 3, the following equations are obtained: 

 

Φ′ = |C′s1 − C′s2|
a = |X′1 − X′2|

a    (4) 

 

Φ′′ = |2C′′s2 + C′′s1|
a + |2C′′s1 + C′′s2|

a =   (5) 

= |2X′′2 + X′′1|
a + |2X′′1 + X′′2|

a 

 

where s is the deviatoric stress tensor, C′ and C′′ are the linear transformations, and X′1,2 and 

X′′1,2 are the principal values of the linearly transformed stress tensors. 

 

The Barlat Yld2000-2D material model comprises eight material parameters which are 

determined, in this study, by conducting uniaxial tensile tests in three different directions with 

respect to the rolling direction and an equi-biaxial test wherein a balanced biaxial stress state is 

obtained. From these tests, the yield stresses and R-values are determined and used as inputs to 

the material model.  
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The von Mises is represented using the Barlat material model. In this case, the yield stresses 

correspond to SIG00 in Table 2 and the R-values are set to one. For alloy 718, the exponent a 

is assumed eight for the Barlat and two for the von Mises yield criteria. Fig. 10 shows the 

calibrated yield surfaces for both yield criteria at room temperature along with the experimental 

yield stresses in the three different rolling directions, and for the biaxial yield stress state. In 

addition, the matrices C′ and C′′ can be expressed in terms of the eight anisotropy parameters 

as listed in Table 2. 

 

The blank is meshed in LS-PrePost using fully integrated shell elements (type 16) with seven 

integration points through the thickness. An h-adaptive method of mesh refinement is used to 

locally increase the density of the mesh in the areas with the largest deformations where the 

initial mesh size describes the geometry less accurately. For the forming simulation, the tool 

surfaces are modelled as rigid with a pre-determined velocity profile. The die travels in the 

negative z direction towards the punch at a speed of 25 mm/s with a blank-holder force of 2400 

kN. The contact between the tool and the blank is modelled as a contact interface using a friction 

model assumed to follow the Coulomb’s friction law [14]. The friction coefficient is set to 0.275 

based on the comparison between the predicted with the experimental draw-in in both x and y 

directions. The FE model of the forming tool includes the punch, die, binder with drawbeads, 

and blank as shown in Fig. 8a. The drawbeads have a radius of 4 mm and a total height from 

the surface of the binder of 8 mm c.f. Fig. 8b. 

 

 
 

Fig. 8 (a) FE model of the forming tooling, and (b) detailed view of the radii of the upper drawbead 

 

5. Damage and fracture model 

 

The GISSMO was developed by Daimler AG and DYNAmore GmbH for prediction of ductile 

fracture based on incremental damage accumulation, including softening and failure [15]. In 

this model, the fracture is assumed to occur because of the plastic-deformation history, implying 

that the material (gaussian point) fails when the damage parameter D reaches a critical value 

i.e. D = 1. Based on the study by Kachanov [16], the damage could be defined as the reduction 

in the nominal section area in a representative volume element due to micro-cracks and micro-

voids as follows: 

 

𝐷 = 1 −
𝐴𝑒𝑓𝑓

𝐴0
      (6) 



 

66 

 

where 𝐴0 is the reference cross-sectional area, and 𝐴𝑒𝑓𝑓 is the effective cross-sectional area 

after subtracting the areas of the micro-cracks and micro-voids from the reference area. The 

formulation of the GISSMO is based on the damage model proposed by Johnson and Cook [17] 

where the linear accumulation of the damage D depends on the ratio of the failure strain εf to 

the actual equivalent plastic strain increment 𝑑𝜀𝑝 [18]: 

 

𝐷 = ∫
𝑑𝜀𝑝

𝜀𝑓
< 1     (7) 

 

When the damage reaches the value of 1, ultimate fracture is expected. The failure strain is 

defined as: 

 

𝜀𝑓 = (𝑑1 + 𝑑2𝑒
(−𝑑3𝜂)) [1 + 𝑑4 ln (

�̇�𝑝

�̇�0
) (1 + 𝑑5𝑇)]   (8) 

 

where 𝑑1…𝑑5 are material constants, 𝜀�̇� is the rate of the von Mises equivalent plastic strain, 

𝜀0̇ is the reference strain rate, 𝜂 is the stress triaxiality, and T is the temperature. As adiabatic 

heating usually does not play an important role in crash situations, the temperature dependency 

can be neglected, and Equation 8 [18] can be rewritten as: 

 

𝜀𝑓 = (𝑑1 + 𝑑2𝑒
(−𝑑3𝜂)) [1 + 𝑑4 ln (

�̇�𝑝

�̇�0
)]    (9) 

 

Using Equation 7, a power-law function can be used to describe the accumulation of damage 

as a function of plastic strain if 𝜀𝑓 is constant [18]: 

 

𝐷 = (
𝜀𝑝

𝜀𝑓
)
𝑛

      (10) 

 

By differentiating Equation 10, an incremental formulation is obtained for the non-linear 

damage evolution as proposed by Neukamm [15] as follows: 

 

�̇� =
𝑛

𝜀𝑓(𝜂)
𝐷
(1−

1

𝑛
)
𝜀�̇�     (11) 

 

The equation can be rewritten as the expression for the GISSMO [19] as: 

 

Δ𝐷 =
𝑛

𝜀𝑓(𝜂)
𝐷(1−

1

𝑛
)Δ𝜀𝑝     (12) 

 

where D is the damage value (0 ≤ D ≤ 1), n is the damage exponent, 𝜀𝑓(𝜂) is the fracture strain 

as a function of the triaxiality 𝜂, and Δ𝜀𝑝 is the plastic-strain increment. Assuming plane stress 

conditions (𝜎3 = 0), the triaxiality is defined as the ratio of the mean stress to the equivalent 

stress [15]: 

 

𝜂 =
𝜎𝑚

𝜎𝑣
      (13) 

𝜎𝑚 =
𝜎1+𝜎2

3
      (14) 

𝜎𝑣 = √𝜎12 + 𝜎22 − 𝜎1𝜎2     (15) 
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Here, 𝜎𝑚 is the hydrostatic stress, 𝜎𝑣 is the equivalent von Mises stress, and 𝜎1 and 𝜎2 are the 

two principal stresses. The plastic deformation occurs when 𝜎𝑣 reaches the yield strength of the 

material. Nonetheless, the failure strains are input in this work as a weighing function defined 

as the curve of failure strain vs. triaxiality. 

 

The GISSMO model incorporates a path-dependent instability criterion to define the onset of 

diffuse necking. The equation for the same is similar to the damage accumulation expressed in 

Equation 12: 

 

Δ𝐹 =
𝑛

𝜀𝑝,𝑙𝑜𝑐(𝜂)
𝐹(1−

1

𝑛
)Δ𝜀𝑝     (16) 

 

where F is the forming intensity, n is the new accumulation exponent, 𝜀𝑝,𝑙𝑜𝑐 is the equivalent 

plastic strain for localisation, and Δ𝜀𝑝 is the increment in the current equivalent plastic strain. 

The forming intensity parameter F is then accumulated in a manner similar to that of the damage 

parameter D; however, a different weighting function is employed, which is defined as the curve 

of the instability strain vs. triaxiality. The forming intensity represents the onset of material 

instability and marks the beginning of the need for regularisation of different mesh sizes. The 

basic idea is to regularise the amount of energy dissipated during crack development and 

propagation. When F reaches unity, the coupling of the accumulated damage to the stresses is 

initiated by modifying the effective-stress concept proposed by Lemaitre [20]:  

 

𝜎∗ = 𝜎(1 − 𝐷)     (17) 

 

where 𝜎∗ is the stress coupled to the damage, and 𝜎 is the current stress. By combining the 

process of material instability, a damage threshold could be defined [19]. As soon as the damage 

parameter D reaches this value, the damage and flow stresses will be coupled. The current 

implementation helps in either entering the damage threshold as a fixed input parameter or 

using the damage value corresponding to the instability point. After reaching the post-critical 

range of the deformation or beyond the point of instability, a critical damage DCRIT is determined 

and is used to calculate the effective stress tensor as follows: 

 

𝜎∗ = 𝜎 (1 − (
𝐷−𝐷𝐶𝑅𝐼𝑇

1−𝐷𝐶𝑅𝐼𝑇
)
𝑚

) for D ≥ DCRIT    (18) 

 

where m is the instability exponent governing the rate of stress fading, which directly influences 

the amount of energy dissipated during the element fade out. Both the damage exponent n 

(dmgexp) and fading exponent m (fadexp) control the way in which the true plastic stress–strain 

curve decreases (softening). When the material is fully damaged (D = 1), the stress in the 

integration point will be zero. When a user-defined number of integration points have failed, 

the element is deleted. 

 

6. Calibration 

 

The GISSMO is implemented into the LS-DYNA using the keyword *MAT_ADD_EROSION 

and is activated using the first flag IDAM = 1. When DMGTYP = 1, the damage is accumulated, 

and element failure occurs when D reaches unity in each of its seven integration points through 

the thickness. To calibrate the model, the inputs of the two load curves are required: the failure 

curve LCSDG, which defines the equivalent plastic strain required for failure vs. triaxiality, and 

the instability curve ECRIT, which defines the critical equivalent plastic strain vs. triaxiality. 
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The experimental strain data is obtained after testing the geometries of the four specimens (A10, 

PS, S45, and B) corresponding to different stress states, ranging from shear to biaxial. 

Seventeen specimens are tested: 3 (A10), 5 (PS), 7 (S45), and 2 (B). The fracture and instability 

strains in each test are directly obtained using DIC at the instability point (maximum force) and 

at the last stage prior to the fracture, respectively. The stress triaxiality values are calculated 

using the algorithm proposed by Marth [21], which is used to export the local deformation 

gradients from ARAMIS™ to the algorithm and obtain the true stress–strain relationship beyond 

the point of necking until fracture. Using the von Mises yield criterion, the local strain state is 

used to calculate the local stress state while assuming a plane-stress condition. Fig. 11a shows 

the strain paths as a function of the triaxiality of the specimens tested for each geometry. Each 

strain path has been smoothed using the smoothing-spline function in MATLAB R2014b. The 

average values of the failure and instability strains and their corresponding stress triaxiality are 

obtained for each specimen geometry. The failure and instability curves are obtained after 

fitting a grade 5 polynomial through the average experimental points in MATLAB R2014b, as 

depicted in Fig. 11b. 

 

The dmgexp and fadexp exponents are determined through an optimisation procedure in LS-

OPT along with the FE-solver LS-DYNA by employing the A10, PS, and S45 geometries. The 

parameter identification is performed by simulating the tests conducted on the three geometries 

using the smallest considered element size in the forming simulation i.e. 1 mm. Because of the 

small evaluation area between the notches, the S45 geometry is simulated with an element size 

of 0.5 mm. The instability strains for each geometry are set as constant, whereas the failure 

strains (A10epsf, PSepsf, and S45epsf) are optimised within a failure strain of ±5%. The 

dmgexp and fadexp are allowed to vary between 0.1 and 5. After every iteration, the softening 

part of the simulated force vs. displacement curve for each geometry is compared to the 

corresponding experimental one, as depicted in Fig. 12. Fig. 13 shows the punch force vs. 

displacement curves for the two biaxial specimens tested. The experimental force vs. 

displacement curve is obtained by averaging the curves of the specimens tested for each specific 

geometry. The objective function is set to minimise the sum of least square errors between the 

simulation and the experiment whereas the failure displacement is used as a constraint. Table 3 

lists the results of the optimisation.  

 

To obtain mesh-size independence, the fracture strain is scaled using a factor that depends on 

the element size. The scale factor, or regularisation factor, is determined after simulating the 

A80 uniaxial tensile test specimen with different mesh sizes varying from 1 to 5 mm. The last 

input for calibrating the GISSMO is a load curve termed the regularisation curve, or LCREGD, 

wherein the abscissa and ordinate represent the element size and regularisation factors, 

respectively, as shown in Figs. 14 and 15. 

 

7. Results 

 

The flow curve for alloy 718 shown in Fig. 9 corresponds to the uniaxial tensile test in the 

longitudinal rolling direction. The curve is extended after evaluation of the small area measured 

by means of DIC where the strains localize before fracture. The calibrated yield surfaces for 

alloy 718 at room temperature are depicted in Fig. 10a. The variations in the yield stresses and 

R-values as a function of the rolling direction validate the anisotropic properties of this material 

c.f. Fig. 10b. The experimental references used to calibrate the yield criteria and the anisotropic 

parameters for alloy 718 at room temperature are listed in Table 2. 
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Fig. 9 Flow curve for alloy 718 at room temperature 

 

 
 

Fig. 10 (a) Calibrated yield surfaces with experimental yield stresses for alloy 718 at room temperature for different 

values of shear stress σ12/σ̅, where σ12 is the shear stress and σ̅ is the effective stress, and (b) measured and 

predicted R-values and initial yield stresses depending on rolling direction at room temperature 

 
Table 2 

Experimental yield stresses and R-values used to obtain the Barlat Yld2000-2D anisotropic parameters (α1 – α8) 

for alloy 718 at room temperature 

 
SIG00 SIG45 SIG90 SIGbiaxial R00 R45 R90 Rbiaxial 

504.62 491.12 481.67 538.00 0.761 0.912 0.960 1.0000 

α1 α2 α3 α4 α5 α6 α7 α8 

0.8711 1.1130 0.8151 0.9941 0.9875 0.8421 1.0090 1.1720 

 

Fig. 11 shows the strain paths as a function of the triaxiality for the four geometries tested and 

the failure and instability curves. 
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Fig. 11 (a) Experimental strain paths for the A10, PS, S45, and B geometries. Theoretical triaxiality values are 

1/3, 1/√3, 0, and 2/3, respectively, and (b) failure and instability curves with the average experimental values for 

the A10, PS, S45, and B geometries 

 

The experimental force vs. displacement curves are compared to the predicted ones in Fig. 12. 

The punch force vs. displacement curves for the two biaxial specimens tested are depicted in 

Fig 13. The results of the optimisation procedure in LS-OPT i.e. damage and fading exponents, 

failure effective plastic strains (epsf) and failure displacements (zf) are listed in Table 3.  

 

 
 

Fig. 12 Predicted (_OPT) force vs. displacement curves compared to the experimental ones (_avg) for the A10, 

PS, and S45 geometries used in the optimisation procedure in LS-OPT 

 

 
 

Fig. 13 Experimental punch force vs. displacement for the biaxial specimens 
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Table 3 

Optimised GISSMO parameters in alloy 718 

 
dmgexp fadexp A10epsf PSepsf S45epsf A10zf PSzf S45zf  

2.59695 1.2766 0.6300 0.5605 0.7196 22.13 8.86 9.50 Predicted 

  0.6325 0.5839 0.7281 22.55 8.80 9.00 Experimental 

  0.39 4.01 1.17 1.86 0.68 5.56 Error [%] 

 

Fig. 14 shows the effective plastic strain distributions prior element deletion for different 

element sizes. The scale factors to construct the regularisation curve in Fig. 15 are calculated 

from the predicted failure strains for each mesh size. 

 

 

 

Fig. 14 Effective plastic strain distribution prior element deletion for the different mesh sizes 

 

 
 

Fig. 15 The regularisation curve LCREGD 

 

Fig. 16 compares the effective plastic strains at the end of the forming process considering the 

isotropic von Mises and the anisotropic Barlat Yld2000-2D material models together with the 

GISSMO. The contours of the outer case geometry are included for both cases. Owing to the 

representation of the von Mises yield criteria using the Barlat material model, the damage 

distribution is stored in the history variable number 8 in LS-PrePost for both cases. Figs. 17a 

and 17b depict the damage distribution over the upper drawbead at the onset of element deletion 

considering the isotropic and anisotropic material models, respectively. Fig. 17c illustrates the 

measured damage distribution over the upper drawbead for comparison purposes. 
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Fig. 16 Effective plastic strains at the end of the forming process including the outline of the outer case geometry 

for the (a) von Mises, and (b) Barlat yield criteria together with the GISSMO 

 

 
 

Fig. 17 Damage distribution over the double-curved part at the onset of element deletion for the (a) von Mises, 

and (b) Barlat yield criteria, and (c) measured damage distribution on the upper drawbead c.f. Fig. 3a based on the 

number and amplitude of the nonlinearities in the acoustic waves acquired at every measurement point 

 

After trimming to the outer case geometry, the effective plastic strain field of the two cases 

studied is shown in Fig. 18. The predicted amount of springback considering the two material 

models and the GISSMO is compared to the measured one in Fig. 19.                 
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Fig. 18 Effective plastic strain on the outer case geometry for the (a) von Mises, and (b) Barlat yield criteria 

 

 
 

Fig. 19 Predicted shape deviation on the outer case geometry at the end of the forming process for the (a) von 

Mises, and (b) Barlat yield criteria, and (c) measured shape deviation. All measurements are in mm 

 

8. Discussion 

 

The uniaxial tensile tests conducted in the three different directions with respect to the rolling 

direction give similar yield stresses, with the variation between the maximum (SIG00) and the 

minimum (SIG90) being less than 5%. The difference between the highest (R90) and lowest 

(R00) Lankford coefficients increases up to 21%, see Fig. 10b and Table 2. These results 

indicate that the specific batch of alloy 718 can be considered anisotropic in strain yet quite 

isotropic in stress. Therefore, the anisotropic Barlat Yld2000-2D material model is chosen for 

the forming simulations. 
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The A10, PS, and S45 tests do not follow a strain path of constant triaxiality during the loading, 

see Fig. 11a. Effelsberg [19] concluded that this behaviour is largely because of the geometrical 

changes in the section during deformation. The experimental strain paths are in good agreement 

with the theoretical stress triaxiality values found in literature by Haufe [22]. A strain path of 

constant triaxiality is used in the B geometry tests because of the inability of the algorithm 

proposed by Marth [21] in calculating the stress triaxiality values from the biaxial test. The 

LCSDG and ECRIT curves in Fig. 11b are bounded by equivalent plastic strains greater than 

zero. 

 

The accuracy of the fracture strains measured on the surface of the specimens via optical strain 

measurements such as ARAMIS™ has been extensively discussed by other authors. On the one 

hand, Till [4] concluded for the complex phase steel that failure strains should be obtained using 

thickness measurements since surface strain measurements may underestimate the real failure 

strains. On the other hand, Heibel [7] found that the failure onset is overestimated for every 

stress state when the failure strains are obtained from tactilely measured thickness in a DP1000 

steel sheet. However, the onset of fracture initiation could be accurately predicted when the 

experimental points of the fracture curve in GISSMO were inversely determined based on 

optically measured equivalent plastic strains at fracture and then optimized based on force-

displacement curves. A similar conclusion was reached by Huang [5] in a USIBOR steel grade 

where they validated the accuracy of the surface strain measurements using DIC after 

comparison with the measured thinning from equibiaxial tests. In this work, the failure strains 

measured on the surface of the GISSMO specimens are considered to be accurate enough to 

calibrate the model. 

 

In the present calibration, the identified damage and fading exponents are listed in Table 3. The 

force vs. displacement curves in Fig. 12 reproduce fairly accurate the behaviour of the 

geometries tested. For the PS and S45 geometries, the simulated softening part of the force vs. 

displacement curve (PS_OPT and S45_OPT) fit reasonably well with the experimental one 

(PS_avg and S45_avg) after parameter identification in LS-OPT. In contrast, the simulated 

(A10_OPT) curve for the A10 geometry exhibits an earlier softening compared to the 

experimental one (A10_avg). The predicted failure strains for the three considered geometries 

(A10epsf, PSepsf, and S45epsf) are slightly lower than the experimental ones but within less 

than 4%. The simulated failure displacements (A10zf, PSzf, and S45zf) have a maximum error 

of 5.56% compared to the experiments. 

 

The regularisation curve is calibrated only considering uniaxial loading (𝜂 = 1/3). The effect of 

using the regularisation curve but for different triaxialities is not studied in this work. The A80 

geometry is chosen because it allows to run the simulations with varying mesh sizes from 1 to 

5 mm while maintaining a great accuracy of the geometry of the specimen. Other geometries 

such as the PS (𝜂 = 1/√3), and S45 (𝜂 = 0) contain smaller measurement areas than the A80, 

making the highest element size of 5 mm too large to accurately represent the correct geometry 

of the measurement area i.e. radii of the notches.   

 

With respect to the forming simulations, the isotropic von Mises predicts slightly higher 

effective plastic strains over the outer case geometry compared to the anisotropic Barlat 

Yld2000-2D material model, see Figs. 16a and 16b, respectively. The measured damage 

distribution over the upper drawbead in Fig. 17c is in better agreement with the predicted 

damage values considering the anisotropic material model c.f. Fig. 17b where the highest 

damage values (presented in red) correspond to the first elements deleted from the centre of the 

drawbead. The alternation of high and low damage values along the drawbead, as well as higher 
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damage values on the right-hand side of the drawbead compared to those on the left-hand side 

where the damage values are lower are also captured.  

 

The predicted effective plastic strains for the trimmed outer case geometry are also lower when 

considering the anisotropic Barlat compared to the isotropic von Mises, as depicted in Fig. 18. 

Overall, the predicted distribution of shape deviation considering both material models is in 

good agreement with the measured one c.f. Fig. 19. The anisotropic Barlat model predicts the 

shape deviations over the part more accurately than the von Mises, especially along the lower-

left edge and around the hole. The open fractures observed in the drawbead regions could 

influence the behaviour of the material and therefore the resulting shape distortions. 

 

9. Conclusions 

 

In this study, the GISSMO is coupled with the isotropic von Mises and the anisotropic Barlat 

Yld2000-2D yield criteria to simulate the behaviour of alloy 718 in a forming procedure at 

room temperature using LS-DYNA. The effect of using both models in the predicted amount 

of shape deviation and the distribution of damage over the part is discussed. The calibration 

procedure of the GISSMO is also evaluated. The strain paths for the geometries tested are in 

good agreement with the theoretical stress triaxiality values found in literature. The parameter-

optimisation procedure yields close results with the failure strains measured with DIC. The use 

of the damage model is found to be of major importance in predicting localisation and failure. 

The GISSMO can predict fracture in the forming process studied whereas the traditional FLD 

does not indicate any risk of failure. The predicted shape distortions are compared to the 3D-

scanned measurements showing a closer agreement when considering the anisotropic model. 

The NAW® method can determine the distribution of the damage over the part with great 

accuracy. These measurements correlate best with the predicted distribution of the damage 

using the anisotropic yield criterion. Finally, the industry can benefit from the use of DIC to 

calibrate the GISSMO in forming simulations in order to design successful forming procedures 

without risk of material failure and enhance the accuracy of the prediction of springback of 

sheet-metal forming processes of interest to the aviation industry. 
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Abstract 

 

The manufacturing of components for aero engine structures from a flat sheet to the final shape 

usually requires several steps that may introduce residual stresses and shape distortions in the 

part. Depending on the magnitude, sign and distribution with respect to the stresses induced by 

the service load, the remaining stresses may affect the service life of a component, especially 

when submitted to cyclic loading. Nowadays, several types of software that have the ability to 

predict the residual stresses and the final shape of a component subjected to various process 

steps are available. However, literature shows a lack of comparison studies among different 

software tools for multi-step simulations of a manufacturing process. In this study, the 

manufacturing process chain of an aerospace component including forming, welding and heat 

treatment in the nickel-based superalloy 718 is modelled and simulated using the two finite 

element software codes LS-DYNA and MSC.Marc. The results from the displacement of the 

blank in the punch stroke direction, the equivalent plastic strain and the von Mises stress are 

compared between both FE codes. The displacement of the blank after forming is slightly higher 

in LS-DYNA compared to MSC.Marc, as well as the equivalent plastic strain and the von Mises 

stress values. This tendency is also observed after trimming and welding. It can also be noted 

that the distribution of both strains and stresses on the trimmed and welded parts varies between 

the two compared codes, presumably due to the choice of different solver options, explicit and 

implicit.  

 

1. Introduction 

 

Residual stresses are present in many fabricated structures due to local plastic deformation from 

both thermal and mechanical operations during the manufacturing process. The remaining 

stresses will affect the service life of a component especially when submitted to cyclic loading. 

The residual stresses could either be beneficial or detrimental depending on magnitude, sign 

and distribution with respect to the stresses induced by the service load. Mostly, there are 

several manufacturing steps carried out sequentially and therefore it is important how the 

remaining stresses evolve throughout the manufacturing routine. There are several FE software 

tools available that can predict the material behaviour during the manufacturing process chain 

i.e. ABAQUS and MORFEO, to predict weld residual stresses by simulations. ABAQUS is a 

multi-purpose FE tool while MORFEO is more dedicated to the welding process [1]. A 

comparison of the FE software tools ABAQUS and DEFORM for simulation of the face turning 

of an Inconel 718 disk with experimental validation can be found in [2]. Moreover, three-

dimensional welding simulations were carried out with the FE software tool MSC.Marc and 

two-dimensional welding simulations in MSC.Marc and ANSYS [3]. Literature available 

shows a lack of comparison studies among different software tools for multi-step simulations 

of a manufacturing process.  

 

In this paper, a comparison between the finite element software LS-DYNA and MSC.Marc is 

done in a simulation of a manufacturing process chain comprising sheet metal forming with 

springback and trimming, welding and stress relief heat treatment. 
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2. Method 

 

The prerequisites are that both software tools use an equivalent FE discretisation (mesh) and 

geometry for the blank and the forming tools. Moreover, the mesh was kept constant during all 

simulation steps (no refinement of the mesh) and the same material data is used for the nickel-

based aerospace material alloy 718. Both FE tools use the Goldak double ellipsoid formulation 

for the shape of the heat source [4], while the stress relaxation in the stress relief heat treatment 

the creep law is driven by Equation 1, as implemented in both MSC.Marc and LS-DYNA [5, 

6], where A, m and n are material constants which have to be determined by material testing. 

 

𝜀�̇�𝑟𝑒𝑒𝑝 = 𝐴𝜎𝑚𝑇𝑛     (1) 

 

The setup and meshing of the blank, punch and die is done in LS-PrePost v4.3 (hereafter 

denoted as LS-PrePost), while the simulations are carried out in LS-DYNA v971 (hereafter 

denoted as LS-DYNA) [6]. The LS-PrePost is used for pre- and post-processing of calculations 

in the finite element software LS-DYNA. Both tools are developed by the Livermore Software 

Technology Corporation (LSTC). The second FE tool used is MSC.Marc (hereafter denoted as 

Marc) and its pre- and post-processor MSC.Mentat [5] (hereafter denoted Mentat). The mesh 

was done in LS-PrePost and thereafter transferred to Marc. The mesh consists of eight-node 

hexahedral solid elements, where the initial mesh had 37200 elements and final mesh had 6188 

elements. The analysis was carried out using Marc and using the assumptions for all steps 

regarding large deformations, strains and plastic incompressibility. In Marc the staggered 

approach was used to solve the coupled thermo mechanical problem and constant temperature 

was used in each element in the mechanical step [7]. LS-DYNA uses explicit solver for the 

forming simulation and implicit solver for the subsequent steps while Marc uses the implicit 

method throughout the simulation chain. The results from the last time step for each simulation 

are stored and imported as the initial conditions to the next simulation. 

 

3. Forming 

 

The forming simulation consists of three parts, the blank, and the die and punch tools. On the 

one hand, the die and punch are in the LS-DYNA case made of shell elements acting as rigid 

bodies; on the other hand, the forming tooling in the Marc case is made of surfaces which are 

acting as rigid bodies, while in both cases the blank is made of four solid elements through the 

thickness, having a nominal thickness of 2.54 mm. The draw beads are represented by 

constraining the nodes on the edges during the operation. The punch stroke length in the 

forming operation was about 88 mm and gave in Marc at most a deformation at the sheet of 77 

mm which became 75 mm after tool release, Fig. 1, where also the equivalent plastic strain and 

the von Mises stress after forming can be seen. The deformation obtained in LS-DYNA after 

tool release was 78 mm, see Fig. 2. The trimming operation in Marc gave a small decrease in 

stress due to elastic springback as shown in Fig. 3. Similar results have been obtained after 

trimming in LS-DYNA, see Fig. 4. The major part of the plastic strains and the stresses after 

forming is within the part of the blank that trimmed away which is showed in the comparison 

between Fig. 1 and Fig. 3 of the results from Marc and similar for LS-DYNA in Fig. 2 and Fig. 

4. Furthermore, the trimming operation gave a small reduction in stress due to elastic springback 

as shown when comparing Fig. 1c with Fig. 3b and Fig. 2c with Fig. 4b. 
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Fig. 1 (a) Displacement in the punch stroke direction [mm], (b) equivalent plastic strain, and (c) von Mises stress 

[MPa] after the forming and before the trimming operation in Marc 

 

 
 

Fig. 2 (a) Displacement in the punch stroke direction [mm], (b) equivalent plastic strain, and (c) von Mises stress 

[MPa] after the forming and before the trimming operation in LS-DYNA 

 

 
 

Fig. 3 (a) The equivalent plastic strain and (b) the von Mises stress [MPa] after the trimming operation in Marc 

 

 
 

Fig. 4 (a) The equivalent plastic strain and (b) the von Mises stress [MPa] after the trimming operation in LS-

DYNA 
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4. Welding 

 

The welding simulation started from the formed blank after springback and trimming to the 

wanted geometry. The weld simulated was a bead on plate weld, meaning a weld on one piece 

without an existing gap. The parameters used for the weld correspond to a TIG (Tungsten Inert 

Gas) weld, with the welding source travelling at 2.8 mm/s. The welding simulation is done in 

LS-DYNA using the material model *MAT_CWM with ghost element functionality [8]. In Fig. 

5 and Fig. 6 the simulated plastic strain and von Mises stress after release from fixture are 

shown done in Marc and LS-DYNA respectively. The accumulated equivalent plastic strain 

history is reset to the materials initial state where the weld melt pool has passed as is shown 

Fig. 5a and Fig. 6a in Marc and LS-DYNA respectively.  

 

 
 

Fig. 5 (a) The equivalent plastic strain and (b) the von Mises stress [MPa] after the welding operation in Marc 

 

 
 

Fig. 6 (a) The equivalent plastic strain and (b) the von Mises stress [MPa] after the welding operation in LS-DYNA 

 

5. Stress relief heat treatment 

 

The stress relief heat treatment consists of heating the part to an elevated temperature, holding 

it for a specific amount of time and cooling it down to room temperature. The stress relaxation 

phenomenon is described mathematically in Equation 1 and by test in [9–11]. The creep model 

used in LS-DYNA is found in the *MAT_188 keyword. As a future work, a stress relief heat 

treatment simulation will be carried out to capture the stress relaxation and change of the 

geometry due to shape distortions. 

 

6. Conclusions 

 

The results imply that both software tools are capable of simulating a manufacturing process 

chain which here comprises sheet metal forming, welding and stress relief heat treatment. 

However, there are discrepancies in the result levels between the software tools. The equivalent 

strain level is about 30% higher in LS-DYNA than for the result in Marc. Also, the 
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corresponding stress level is about 40% higher in LS-DYNA than for Marc. This discrepancy 

might be due to the different solver option (implicit and implicit) used in the forming simulation 

for each software tool. Thus, the allover behaviour in strains and stresses are similar for the 

results in MSC.Marc and LS-DYNA. 
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Abstract 

 

The finite element method (FEM) has considerably contributed to the development of advanced 

manufacturing methods for metal structures. The prediction of the final shape of a component 

is of great interest to the manufacturing industry. The level of demand may increase due to 

multistage processes. Therefore, including all steps of the manufacturing chain in the 

simulations is key to being successful. This has been done for a long time in the stamping 

industry, which involves sequences of forming, trimming, and springback. However, more 

complex manufacturing procedures, that include assembling of formed parts with forgings and 

castings via welding, have been modelled with simplifications, resulting in a reduced prediction 

accuracy. In the present study, a double-curved part manufactured from alloy 718 is formed at 

20 °C and laser-welded using the bead-on-plate procedure. The coupling of different 

manufacturing analyses, including cold forming, trimming, result mapping, welding, cooling, 

and springback, is achieved using LS-DYNA. Additionally, the effect of adding a damage and 

failure model in the forming simulation is studied. The results of the forming analysis are used 

as inputs for the material model *MAT_CWM in the welding simulation. The anisotropic 

thermomechanical properties of alloy 718 are determined at temperatures up to 1000 °C. 

Encouraging agreement is found between the model predictions and the results of forming and 

welding tests. The findings underscore the importance of including the material history and 

accurate process conditions along the manufacturing chain to both the prediction accuracy of 

shape distortions, and to the potential of the industry. 

 

1. Introduction 

 

Virtual computer-aided engineering (CAE) tools have an increasing significance in the design 

and development of lightweight solutions in all kinds of industries. The ability to combine 

advanced materials and material states that constitute future lightweight components and 

designs will largely depend on the ability to model advanced material behaviour and virtually 

evaluate special fabrication procedures to develop new manufacturing strategies. As illustrated 

in Fig. 1, the manufacture of static load-carrying aero-engine structures constitutes such an 

example, in which sheet metals are combined with forgings and castings via welding and 

subsequent heat treatments. 

 

 
 

Fig. 1 (a) GP7000 turbine exhaust case (TEC) engine containing the studied component. (b) The TEC is a static 

load-carrying aero-engine structure consisting of 13 different sub-assemblies. (c) Detailed view of one of the sub-

assemblies, indicating the location of the double-curved component. (d) Strip geometry (courtesy of GKN 

Aerospace Sweden)  
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Individual manufacturing procedures, such as cold forming and assembly via welding and heat 

treatment, have been studied numerically to design suitable forming techniques or welding 

sequences with the purpose of minimizing shape distortions. Odenberger et al. [1] studied the 

compensation of deep-drawing prototype tools for springback in alloy 718 sheets, leading to a 

significant reduction of lead time, while maintaining high accuracy of the predicted shape 

deviations. By considering the anisotropic plastic properties of alloy 718 and including models 

for damage and failure, as Pérez Caro et al. [2] investigated, new suitable forming procedures 

have been developed. Additionally, thermomechanical finite element analyses (FEA) in studies 

on welding and heat treatments have greatly contributed to manufacturing processes in various 

industries. As outlined by Lindgren [3], the further development of the welding models has 

contributed to a better representation of the engineering applications in the past decades. For 

example, Lundbäck and Runnemalm [4] studied the effect of the electron-beam welding 

procedure on the shape distortions and residual stresses in alloy 718. Their model was able to 

accurately predict the amount of residual stresses as well as the distribution of the shape 

deviations over the parts. Fisk and Lundbäck [5] modelled repair welding and heat treatment in 

alloy 718. The predicted welding temperatures and residual stresses were in good agreement 

with the experimental measurements. The effect of the welding fixture on the experimental and 

predicted distortions during welding was addressed by Ma et al. [6]. 

 

Many studies have been conducted on the prediction of shape distortions considering different 

combinations of the forming, welding, and heat treatment steps in a manufacturing process 

chain. Thomas et al. [7] predicted the springback and final shape of two different aluminium 

alloys in a manufacturing chain of forming and spot-welding processes. Govik et al. [8] 

examined the springback behaviour of an assembly made of DP600 in a manufacturing process 

consisting of forming and spot welding. Additionally, Berglund et al. [9] and Tersing et al. [10] 

studied the welding and heat treatment steps in an industrial process involving martensitic 

stainless steel and Ti-6Al-4V components for the aero-engine industry, respectively. 

Steffenburg-Nordenström and Larsson [11] considered a manufacturing chain including 

forming, welding, and heat treatment of a V-shaped leading edge of a vane manufactured from 

alloy 718. They concluded that the history of the material after forming had a considerable 

effect on the amount of residual stresses in the subsequent steps of the manufacturing process 

chain. Huang et al. [12] reported similar results in Q235 steel, concluding that the initial 

distortions from forming can largely influence the buckling distortion during welding. 

Papadakis et al. [13] studied the influence of preliminary manufacturing processes, i.e. forming, 

trimming, and welding, on the crash behaviour of automotive body assemblies made of bake 

hardening and dual phase steels. The predicted results from each step in the manufacturing 

chain, such as residual stresses, strains, and element thicknesses, were transferred into the next 

stage. They concluded that the predicted energy absorption of the assembly decreased when 

considering the history of the material from the preliminary steps in the manufacturing chain. 

Bauer et al. [14] investigated a forming and welding process chain of a DC04 tube. The transfer 

of the material and mechanical properties between processes ensured an accurate prediction of 

shape distortions, weld bed size, and residual stresses. 

 

Nevertheless, considerable resources are still spent on compensating the final structure for 

shape distortions that occur during the welding and heat treatment procedures. These 

compensations are based on measurements performed after each manufacturing process step 

and are used to design suitable fixturing to accomplish welding of the different sub-assemblies 

that constitute the engine structure, see Fig. 1c. However, the influence from the prior 

manufacturing process steps to the subsequent shape distortions in the next procedure should 
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not be neglected. To increase the prediction accuracy and to compensate the forming tooling 

virtually, the welding sequence and fixturing are of utmost importance.  

 

In this study, a strip geometry extracted from a double-curved component manufactured from 

alloy 718 is analysed. The dimensions of the strip geometry are shown in Fig. 2. A forming and 

trimming procedure at 20 °C is followed by laser welding of the strip geometry clamped onto 

a fixture, result mapping, cooling, and springback upon clamping release. The FE analyses are 

performed using LS-DYNA. This FE methodology involves different types of solvers and 

makes it possible to include the results from the forming analysis in the welding analysis by 

mapping the results from the forming to the welding element mesh, thereby providing a start 

state for welding that includes the thinning, effective plastic strains, residual stresses, history 

variables, and obtained geometry after forming. The material model *MAT_CWM is used for 

the welding simulation through the welding graphical user interface (GUI) provided in LS-

PrePost v4.5. This work aims to investigate the potential and applicability of the described 

method to the industry, where the use of limited number of tests and available FE models is 

sufficient to predict the final shape of the component with high accuracy. 

 

 
  
Fig. 2 Dimensions of the strip geometry. All measurements are expressed in millimetres 
 

The thermomechanical elastic and anisotropic plastic properties of alloy 718 at temperatures up 

to 1000 °C are determined and included. The forming analysis is modelled and simulated at 20 

°C using the three-dimensional (3D)-scanned forming tool geometry and the anisotropic Barlat 

et al. [15] Yld2000-2D material model. Forming and welding tests are performed to produce a 

strip geometry in alloy 718 and provide experimental data, which are used to compare the 

numerical predictions with the accumulative shape distortions and temperatures during 

welding.  

 

2. Experimental work 

2.1. Material 

 

The precipitation-hardenable nickel-based superalloy alloy 718 (UNS N07718) is studied in 

this work. The specific batch of alloy 718 is delivered in form of 2.6 mm thick sheets, and in 

the solution-annealed condition according to the SAE AMS5596 specification. Table 1 presents 

the chemical composition of the alloy, as defined in the material certificate. 
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Table 1 

Chemical composition of the alloy 718 studied [wt%] 

 
Ni Fe Cr Nb Mo Ti Al Co Mn Si Cu 

53.86 18.47 17.78 5.05 2.88 1.05 0.48 0.15 0.07 0.07 0.03 

V W C P B Ta Zr S Nb+Ta Ti+Al Ni+Co 

0.03 0.02 0.019 0.008 0.004 <0.01 <0.01 <0.0003 5.06 1.53 54.01 

 

2.2. Material-characterization tests 

 

Uniaxial tension tests were performed in accordance to the SS-EN ISO 6892-1:2009 and SS-

EN ISO 6892-2:2011 standards at temperatures between 20 and 1000 °C. The specimens were 

laser cut in the longitudinal (L), diagonal (D), and transverse (T) directions with respect to the 

rolling direction. The edges of the specimens were gently grinded to minimize the heat effect 

from the laser-cutting procedure. The tests were conducted at two consecutive strain rates i.e. 

0.0014 s−1 followed by 0.004 s−1 up to a technical strain of 0.2% and until fracture, respectively. 

Fig. 3 shows the hardening curves. A stochastic pattern was applied on the surface of each 

specimen and the deformations were continuously measured using the digital image correlation 

(DIC) system ARAMIS™. The frame rates were 12 and 4 Hz. The facet size/step of 19 × 15 

pixels defined the spatial resolution of the DIC images, and it was equivalent to an element size 

of 1 mm. Each specimen was heated up to the target temperature with help of an induction coil. 

The temperature at the centre of the surface of the elevated-temperature specimens was 

constantly measured and logged using an infrared sensor calibrated at each target temperature 

against a type-K thermocouple with an accuracy of ±1%. 

 

 
 

Fig. 3 Hardening curves for alloy 718 at 20 °C in the L, D, and T directions. The flow curves at elevated 

temperatures are only referenced to the L direction  

 

Tests to determine the Young´s modulus (E) were performed in the L direction up to 700 °C 

via the impulse excitation technique (IET), where a vibration was induced in the specimen by 

a mechanical impulse, and the damping of each resonant frequency of the material was analysed 

[16]. The Young´s modulus at each target temperature was predicted using simple linear 

regression, as presented in Fig. 4. Additionally, a silicon–rubber bulge test [17] was performed 

to determine the yield stress of the material for the balanced biaxial stress state. 
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Fig. 4 Experimental Young´s moduli for alloy 718 up to 700 °C 

 

2.3. Validation tests 

 

Forming and welding validation tests were performed to correlate the numerical predictions 

with the measured values. Emphasis was placed on the shape distortions after forming and 

welding, together with temperature measurements during welding. 

 

2.3.1. Sheet-metal forming and trimming 

 

The stretch-forming procedure was designed to introduce plastic straining in the blank in order 

to reduce the amount of springback. The forming tests were performed using a Fjällman 

hydraulic press with a pressing capacity of 7000 kN. Preceding the forming test, the 

measurement of the binder force was carried out using four calibrated load cells placed on the 

binder, at a forming velocity of 25 mm/s, up to a value of 2534 kN. The draw-in of the two 

formed parts was measured using a digital Vernier calliper and compared with the predicted 

values from the forming simulations. The measured draw-in was determined in the x and y 

directions, c.f. Fig. 7, by measuring the distance from the tool edge to the blank as the blank 

was placed onto the binder and, in the same way, at the closed stage of the forming tool at the 

end of the forming procedure. The drawbeads were modelled as physical drawbeads to capture 

the effect of the binder closure to the draw-in. The strip geometry was extracted from the 

double-curved component via laser cutting. Four reference points, located at the outer edges of 

the formed part, were produced at the end of the forming procedure to ensure the correct 

placement of the strip geometry during laser cutting. 

 

The measured springback after forming was determined via 3D scanning using the Zeiss T-

SCAN CS equipment, followed by a comparison of each part with the computer-aided design 

(CAD) nominal geometry. The reference points correspond to the same positions as the nodal 

constraints applied in the springback analysis, see Fig. 5.   
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Fig. 5 Reference points and nodal constraints used in the springback measurements 
 

2.3.2. Laser welding 

 

In the final step of the manufacturing chain, the strip geometry was placed in a welding fixture 

consisting of an insulation material that can resist high temperatures and loadings. The 

component was then clamped onto the fixture using 10 M8 bolts (12.9) tightened to 40 Nm 

each. The contact between the bolts and the strip geometry was thermally insulated using 

washers with a thickness of 4 mm and made of the same material as the welding fixture. The 

part was then laser-welded using the bead-on-plate procedure with help of an IPG Photonics 

laser source, which was performed directly on the part without any filling material. A specific 

shielding gas was used to protect the heat-affected zone and the molten pool from contact with 

the atmosphere. The welding tests were performed by GKN Aerospace Engine Systems Sweden 

in Trollhättan. In the welding process, the material was heated above the melting temperature 

and fused together during cooling. The temperatures during welding were measured at five 

different positions along the welding path and logged using type-K thermocouples, as shown in 

Fig. 6. The temperature histories for the five positions are presented in Fig. 15. The springback 

after welding was measured using the same procedure employed after forming. 

 

 
 
Fig. 6 Welding test setup. Illustration of the formed and welded alloy 718 strip geometry attached in the welding 

fixture. The thermocouples are used to measure and log the temperatures at five different positions: T1 to T5. The 

arrow indicates the direction of the welding laser beam 
 

 

 



 

95 

 

3. Numerical procedure 

 

The manufacturing process chain involves several steps, such as sheet-metal forming, 

trimming, mapping of the results from the forming to the welding shell-element mesh, 

springback, welding, cooling, and final springback. 

 

3.1. Sheet-metal forming and trimming 

 

The single-action forming process to manufacture a double-curved component in alloy 718 

combines both stretch-forming and deep-drawing techniques in which no material that has 

passed through the drawbeads enters the actual component geometry. Such material is trimmed 

off after forming. The tool setup was modelled in Dynaform v5.9.3 and analysed using the 

explicit solver in LS-DYNA R10.0.0 [18]. Fig. 7 illustrates the FE model, which consisted of a 

punch, a die comprising an inner and outer tool parts that act as one complete tool part, a binder, 

and a blank. The binder included physical drawbeads in order to control the flow of the blank. 

The whole model contained 137807 shell elements and 136116 nodes. The total computational 

time was 7 hours using 16 cores. The tool parts were built using initial graphics exchange 

specification (IGS) surfaces, and the drawbead heights and draw depth were adjusted in the 

model according to the results obtained from 3D scanning of the physical forming tool since 

the drawbead heights were modified during testing to avoid open fracture in one of the 

drawbeads. 

 

 
 
Fig. 7 FE tool setup with a detailed view of the mesh of the blank 

 

The Barlat et al. [15] Yld2000-2D anisotropic yield criterion was used to model the forming 

procedure. The yield surface is described with eight anisotropic parameters, which were 

obtained through uniaxial tensile and bulge tests at 20 °C. The obtained yield stresses and 

Lankford coefficients in Table 2 were inputted into the material model. The corresponding yield 

function 𝑓 can be described as follows: 
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𝑓 = |s1 − s2|
m + |2s2 + s1|

m + |2s1 + s2|
m − 2𝜎𝑚 = 0  (1) 

 

where 𝜎 is the effective stress, 𝑠𝑖 are the principal deviatoric stresses, and 𝑚 is a parameter that 

describes the shape of the yield surface. Following the recommendations from Barlat and Lian 

[19] for materials with a face-centred cubic crystal structure (FCC), the parameter 𝑚 is set as 

8. To make an even more precise calibration of the shape edginess of the yield surface, 

additional tests to produce complementary reference points in the stress space are possible to 

conduct. However, the assumption of the yield surface exponent 𝑚 equal to 8 for anisotropic 

materials has been proven valid in forming of several types of materials such as aluminium, 

nickel-base superalloys, and titanium [1, 20, 21]. Also, it is desirable for the industry to reach 

accurate modelling predictions while increasing the efficiency in the calibration of material 

models by using a minimal number of material tests. 

 

Equation 1 can be linearly transformed using 𝑋 = 𝐶 ∙ 𝑠 into the following equation: 

 

𝑓 = |C′s1 − C′s2|
m + |2C′′s2 + C′′s1|

m + |2C′′s1 + C′′s2|
m − 2𝜎𝑚 = 0 (2) 

 

where the matrices C′ and C′′ represent the linear transformations, which can be expressed by 

the anisotropic parameters listed in Table 2. The calibrated yield surface, initial yield stresses, 

and Lankford coefficients in the L, D, and T directions for alloy 718 at 20 °C are shown in Fig. 

8. 

 
Table 2 

Experimental input data for alloy 718 at 20 °C. The initial yield stresses (σ in MPa) and Lankford coefficients (R) 

in the L, D, and T directions are based on the E-moduli from the IET tests. The eight anisotropic parameters (αi) 

for the Barlat material model are also included 

 

σL σD σT σbiaxial RL RD RT Rbiaxial 

502.43 489.87 480.56 538.00 0.761 0.912 0.960 1.0000 

α1 α2 α3 α4 α5 α6 α7 α8 

0.8693 1.1190 0.8083 0.9929 0.9859 0.8372 1.0010 1.1580 

 

 
 
Fig. 8 (a) Calibrated yield surface for alloy 718 at 20 °C for various shear stress values (0 and 0.5), with 

experimental reference points from uniaxial and biaxial tests. (b) Predicted and experimental initial yield stresses 

(σ) and Lankford coefficients (R) for the L, D, and T directions 

 

The blank was modelled using 38416 quadrilateral shell elements and 38809 nodes. Each 

element was 4 mm in size and fully integrated (type 16) with seven through-thickness 

integration points. The h-adaptive method was used to automatically refine the mesh in areas 

with pronounced curvature and, therefore, increase the accuracy of the forming simulation 

while reducing computational time. Three maximum levels of refinement yielded elements to 
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a minimum size of 1 mm in areas where needed, i.e. the drawbeads and regions with marked 

draw radius. All tool surfaces were modelled as rigid. The die moved in the negative z direction 

at a velocity of 1000 mm/s during tool closure, i.e. when the drawbeads are formed, whereas 

the velocity was increased to 2000 mm/s during the stretch-forming stage. The contact model 

between the blank and the tools followed the Coulomb’s friction law. Figs. 14a and 14b 

illustrate the simulated draw-in at the final stage of the forming procedure. The effect of adding 

the generalised incremental stress-state dependent damage model (GISSMO) proposed by 

Pérez Caro et al. [2] for the simulated draw-in was also studied, as shown in Figs. 14c and 14d. 

The GISSMO model assures that the effects of material failure, such as local thinning and strain 

localization, are captured during the forming procedure. The GISSMO model was calibrated 

including regularization for the mesh refinement during the FE analysis [2]. Based on the 

difference between the predicted and measured draw-ins for the two considered cases in Table 

4, the friction coefficient was assumed 0.275, similar to previous results by Wiklund and 

Larsson [22] using pin-on-disc tests. The procedure followed to estimate the value of the 

friction coefficient has been previously applied in forming procedures in titanium [21] and 

nickel-base superalloys [1]. 

 

After forming, a strip geometry was cut out using a 3D laser-cutting procedure. The heat effect 

from the laser was attenuated after mildly grinding the outer edges of the test specimens. The 

trimming simulation was set up in Dynaform v5.9.3 with mesh refinement along the trimming 

edges. Fig. 9 shows the formed blank with the trim line used to trim the blank and create the 

surfaces for remeshing before the welding analysis. The predicted and measured shape 

deviations after forming and trimming are illustrated in the results section, see Figs. 17a and 

18. 

 

 
 
Fig. 9 Formed blank with the trim line (in red) used to trim the blank and obtain the strip geometry for remeshing 

before the welding analysis 
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3.2. Mapping of results from forming to welding element mesh 

 

The mapping from the shell-element mesh used in the forming analysis to the structured shell-

element mesh used in the welding analysis was performed using the mapping functionality in 

LS-PrePost v4.5. Fig. 10 depicts the different meshes used. The forming mesh of the strip 

geometry contained 6331 elements and 7321 nodes. The density of the mesh for the welding 

analysis was increased along the welding path, with a minimum size of 1 mm for the shell 

elements. The welding mesh then consisted of 16539 elements and 16475 nodes. The element 

type and number of integration points were preserved, and the initial stresses, shell thicknesses, 

and effective plastic strains were mapped to the new mesh, which included the nodal positions 

that correspond to the five thermocouples used to measure temperatures during welding, as 

shown in Fig. 6.    

 

 
 
Fig. 10 Forming (left) and welding (right) meshes used in the FE analyses 
 

After mapping, the springback analysis was performed using the implicit method in LS-DYNA 

along with the nodal constraints in Fig. 5. 

 

3.3. Welding 

 

In the welding process, the material was heated above the melting temperature (1260–1336 °C) 

[23] and fused together during cooling. This was modelled using a coupled implicit thermal and 

mechanical solver in combination with a staggered approach, where the two solvers exchange 

results, allowing the two physical fields to affect each other. The total computational time was 

50 minutes using 16 cores. As presented by Schill et al. [24], the setup for the welding analysis 

was constructed using the GUI for welding simulation available in LS-PrePost v4.5. The 

welding procedure was modelled using thermal and mechanical boundary conditions in 

accordance with the performed welding tests.  

 

The mechanical model included the part with the welding mesh obtained after mapping. The 

welding fixture was modelled as rigid, and nodal constraints were used in the z direction to 

simulate the clamping of the formed alloy 718 component, as shown in Figs. 6 and 11. The 

clamping force applied to each M8 12.9 bolt on the fixture prior to welding was assumed to be 

29 kN applying a momentum of 40 Nm [25]. The applied force in the welding test is way above 

the summarized axial force of the restricted nodes, see Fig. 11, which reached a maximum value 

of 859 N during the FE-analysis. Both the thermal and mechanical contacts between the part 

and the fixture were included in the analysis. In the FE analyses, the welding laser beam moved 

toward the positive y direction and followed the welding path. 
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Fig. 11 FE setup of the welding analysis with the mechanical nodal constraints in the z direction (in red) and the 

welding path (in yellow). The upper surface of the welding fixture in contact with the strip geometry is included, 

c.f. Fig. 6. The opening in the centre of the fixture ensures that the shielding gas covers the entire length of the 

welding path. The direction of the welding laser beam is indicated by an arrow 
 

The nonlinear implicit solver was used with a fixed timestep determined by the element length 

and weld speed. The timestep was advanced once per two elements in the welding GUI. The 

thermo-elastoplastic material model *MAT_CWM was used for the welding simulations in LS-

DYNA. Based on the isotropic von Mises yield criterion with linear hardening available in LS-

DYNA for welding simulations, the material has several welding capabilities, e.g., ghost and 

annealing functionalities. For ghost elements, the material has negligible thermal and 

mechanical properties until it is activated at a specified user-defined temperature. This is 

convenient for distinguishing between the three different material states: i) solid—the material 

is always solid or a weld pass that has been previously activated; ii) liquid—the material is in a 

ghost state but will be activated during the current weld pass; and iii) ghost—the material that 

is not activated during the current weld pass but can be activated in a subsequent pass. In this 

study, no ghost material state was used, owing to the lack of filling material during the welding 

process. The annealing functionality is intended to simulate a limiting temperature range, i.e. 

927–982 °C, where the material behaves as an ideal elastic-plastic but with no evolution of 

plastic strains. Thus, both the back stresses and effective plastic strains are set as zero. 

*MAT_CWM also includes a temperature-dependent thermal expansion coefficient. 

 

The thermal weld part was modelled using thick thermal shell elements with a convection-to-

air boundary condition, and a constant heat transfer coefficient of 20 W/m2K for the shielding 

gas. The thick thermal shell element allows for a quadratic variation of the temperature along 

the thickness of the shell. The insulation material for both the welding fixture and washers was 

considered to have a thermal conductivity of 0.71 W/mK. Each washer was assumed a heat 

transfer coefficient of 177.5 W/m2K. The thermal contact between the blank and the welding 

fixture was utilized by modelling the fixture using thick thermal shell elements with the 

convection applied on the lower surface to represent the fixture thickness, as shown in Fig. 11. 
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Hence, the heat transfer coefficient of the welding fixture was assumed to 28.4 W/m2K. The 

temperature-dependent data used as the input to the *MAT_CWM, as illustrated in Fig. 12, 

were obtained from the simulation software JMatPro®-V9 for the specific chemical composition 

of alloy 718, c.f. Table 1. Varying temperature dependency of the Young´s modulus can be 

found in literature for alloy 718 [26, 27], hence the authors apply the IET values up to 700 °C 

and the JMatPro®-V9 predicted values at higher temperatures in which the chemical 

composition of the specific batch of alloy was considered. The tendency of the change of the 

Young´s modulus with temperature are similar to Fukuhara and Sanpei [26]. The Goldak et al. 

[28] double-ellipsoid model was used for modelling the heat source, in which a volumetric heat 

load is applied to a volume with an elliptic shape, as shown in Fig. 13. Based on the 

experiments, the parameters of the Goldak double ellipsoid presented in Table 3, was chosen to 

accurately mimic the laser weld heat source [5]. The weld speed in the analysis was 13.3 mm/s 

under an applied weld power of 2.5 kW, assuming an efficiency factor that accurately predicts 

the measured temperature history of the five thermocouples at different distances from the weld 

groove. The thermal solution was implicit, with the same fixed timestep as the mechanical 

solution. 
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Fig. 12 Thermomechanical properties of alloy 718 in the welding FE analysis. (a) Thermal expansion coefficient, 

(b) specific heat, (c) Poisson’s ratio, and (d) thermal conductivity obtained from JMatPro®-V9, as well as (e) the 

E-moduli at temperatures exceeding 700 °C. The experimental E-moduli from the IET tests from 20 to 700 °C are 

shown in Fig. 4 
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Fig. 13 Goldak double-ellipsoid heat source [24]. The parameters 𝑎𝑟 , 𝑎𝑓, 𝑏, and 𝑐 are presented in Table 3 

 
Table 3 

Parameters applied for the Goldak double-ellipsoid heat source model 

 

𝑸 [W] 𝒂𝒓 [mm] 𝒂𝒇 [mm] 𝒃 [mm] 𝒄 [mm] 

2500 5.80 2.30 2.50 2.84 

 

4. Results and discussion 

 

The effective plastic strains from each hardening curve for alloy 718 shown in Fig. 3 correspond 

to the small area of the specimen with the highest strain levels before failure. The E-moduli 

measured and predicted via the IET presented in Fig. 4 were used as a reference for determining 

the initial yield stresses at each temperature. In order to obtain suitable input data for the FE 

simulations, the hardening curves were smoothed using a user-define code in MATLAB 

R2014b. 

 

Fig. 14 shows the simulated draw-in at the final stage of the forming procedure, both without 

and considering the GISSMO model. The predicted and measured draw-ins from the forming 

tests are presented in Table 4. The use of the GISSMO yielded marginally lower predicted 

draw-ins in all directions except for Y2, where the predicted draw-in was 30.43% higher than 

that in the case without the GISSMO model. This corresponds to the same drawbead region 

where microcracks and open fractures are detected in the forming tests at 20 °C. The predicted 

draw-ins considering the GISSMO model were closest to the measured values for both parts in 

all testing directions, except for X2 in part 1, see Table 4. Hence, only the formed GISSMO 

geometry was considered in the subsequent stages in the manufacturing process chain. 
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Fig. 14 Predicted draw-in at the final stage of the forming procedure (a, b) without and (c, d) including the 

GISSMO model. All measurements are expressed in millimetres 

 
Table 4 

Predicted and measured draw-ins in the directions X1 (left), X2 (right), Y1 (up), and Y2 (down) on the formed 

sheet. All measurements are expressed in millimetres 
 

  Draw-in directions 

  X1 X2 Y1 Y2 

Predicted 
Forming 9.20 −9.02 16.97 −10.06 

Forming + GISSMO 9.18 −8.82 16.80 −13.12 

Measured 
Part 1 8.43 −9.37 16.74 −12.48 

Part 2 8.29 −8.51 16.52 −12.02 

 

Fig. 15 presents a comparison between the measured and simulated temperatures at the five 

thermocouples during the welding tests. The predicted temperatures correlated well with the 

measured values close to the weld source, i.e., T1, T2, and T5. Small deviations were observed 

further from the weld source, i.e., T3 and T4. However, the resulting temperatures correlated 

well after some time. 
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Fig. 15 Measured and predicted temperature histories during welding at the following positions: (a) T1, (b) T2, (c) 

T3, (d) T4, and (e) T5  

 

The predicted effective plastic strains for all the steps of the manufacturing chain are presented 

in Fig. 16. The maximum strain levels in the formed part with the GISSMO model were 2.63% 

higher than those without it, as shown in Fig. 16a. As stated previously in this section, the 

results regarding the strip geometry are based on the forming simulation coupled with the 

GISSMO model. Previous work by Pérez Caro et al. [2] shows the use of the GISSMO model 

in a forming simulation of a double-curved component when the presence of microcracks in 

some of the drawbeads could not be predicted using a forming limit diagram (FLD). The 

mapping of the results from the forming mesh in Fig. 16b to the welding mesh in Fig. 16c shows 

a marginal increase of 0.40% in the overall strain levels in the part. The welding, cooling, and 

subsequent springback increased the global effective plastic strains in the strip geometry by up 

to 3.28%, as shown in Fig. 16d.  
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Fig. 16 (a) Comparison of the effective plastic strains on the formed blank without (left) and including (right) the 

GISSMO damage model. The strain fields at the other stages of the manufacturing chain, i.e. (b) after forming and 

trimming, (c) after mapping and springback, and (d) after welding, cooling, and final springback, are based on the 

results for the formed part with the GISSMO model 

 

Fig. 17a shows the predicted shape deviation after forming, trimming, and mapping. The 

corresponding results after welding, cooling, and springback are depicted in Fig. 17b. For 

comparison purposes, the measured shape deviations after experimental forming and welding 

tests for the two parts are presented in Figs. 18 and 19, respectively. It is clear that the welding 

procedure, clamped with industry-like boundary conditions, introduces additional shape 

distortions in the parts. The major shape distortions originate from the effect of the heat source, 

melting the material as it progressively moves along the strip geometry, and altering the stress 

state in the part. Naturally, the fixturing will affect the amount of shape distortions obtained 

during welding. In this work, the purpose was not to identify an optimal fixturing design or 

welding strategy. Instead, the aim was to investigate if the shape distortions obtained from the 

welding experiments could accurately be predicted using FE analyses. 

 

The distribution and magnitude of the experimental shape deviations of the two strip geometries 

were conformable with only minor deviance between the formed parts. In addition, the 

deviation in the measured draw-in after the forming of the two parts presented in Table 4 can 

be considered as small. The results of the forming simulation in Fig. 17a show the same 

tendencies of the distribution and magnitude as the experimental shape deviations of the two 

strip geometries depicted in Fig. 18. The closest agreement was observed at both the centre and 
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right areas of the strip geometries, with a maximum deviation of <0.5 mm. The slight difference 

between the simulated and experimental shape deviations after forming may be within the 

expected reproducibility in the industrial fabrication procedure. The protruding ear-shaped 

geometries at the short ends of the parts exhibited larger deviations. However, these extensions 

were only used as the start and stop positions for the welding laser beam and were removed 

after the welding procedure.  

 

As illustrated in Fig. 19, the subsequent welding procedure in the manufacturing chain 

introduces greater shape distortions in the parts. The predicted springback after welding in Fig. 

17b captures the overall tendency of both the distribution and amount of shape distortions, 

especially in the central area of the strip geometries. In this case, the maximum difference 

between the simulated and experimental shape deviations after welding was <1 mm. The 

protruding areas exhibited larger deviations, similar to those after the forming process. The 

discrepancy between simulations and measurements in the final geometry of a welded 

component was analysed by Huang et al. [12] in terms of the residual stresses present in the 

material from the rolling process. However, no residual stresses were assumed to be present in 

the material studied in this work prior forming. The stress state of the material after forming 

was used as initial stage in the welding simulation. The effect of phase transformation on the 

welding distortions in alloy 718 was not considered in this work. 

 

 
 
Fig. 17 Predicted shape deviations (a) after forming and (b) after welding. All measurements are expressed in 

millimetres 

 

 
 
Fig. 18 Measured shape deviations after forming of (a) Part 1 and (b) Part 2. All measurements are expressed in 

millimetres 
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Fig. 19 Measured shape deviations after welding of (a) Part 1 and (b) Part 2. All measurements are expressed in 

millimetres   

 

5. Conclusions 

 

Reducing CO2 emissions is becoming increasingly important in the manufacturing industry. 

The adoption of lighter and stronger structures may reduce the energy and fuel consumption in 

the aviation sector. A key factor for the success of lightweight components is the ability to 

design suitable manufacturing procedures for advanced lightweight materials accurately using 

CAE tools. However, considerable resources are still spent on compensating the final structure 

for shape distortions that occur in each stage of the manufacturing chain. If virtual 

compensations are successfully performed in a production environment, significant time, 

energy, and cost reductions can be achieved. Previous studies investigated the possibility of 

combining different process simulations in the manufacturing chain of aerospace components 

using different FE codes, e.g. Tersing et al. [10] and Schill and Odenberger [29]. The major 

objective of these studies was to develop methods for performing coupled simulations using 

different FE codes rather than to evaluate the prediction accuracy. 

 

In the present study, the history from the sheet-metal forming procedure was used as the input 

for the subsequent welding of a strip geometry in alloy 718. The effect of the GISSMO model 

from Pérez Caro et al. [2] on the forming simulations was examined. An engineering method 

was used to estimate a suitable value of the friction coefficient that was representative for the 

conditions existing in the specific forming procedure. The work also applies the assumption of 

a Coulomb’s friction model with a constant friction coefficient, well-known not being able to 

capture the complex nature of the friction conditions existing in a forming procedure. The 

friction coefficient depends on several factors, such as material transport velocity, contact 

pressure, temperature, surface structure, and plastic straining in the sheet material. These factors 

continuously alter during the forming procedure. Different test procedures exist to determine 

values of the static and dynamic friction coefficient under controlled testing conditions, such as 

pin-on-disc, bending-under-tension (BUT), and strip-tension tests. To further increase the 

accuracy in the model predictions of forming and to be able to fully utilize the results from such 

friction tests, a more advanced friction model would be desirable. For example, the 

phenomenological friction model developed by Wiklund and Larsson [22] could constitute an 

interesting alternative. 

 

The change from an anisotropic yield criterion in the forming analysis to the isotropic Von 

Mises yield criterion with linear hardening in the welding analysis implies a reduced ability to 

accurately describe the material behaviour during welding. Despite the simplicity in the 

calibration of the anisotropic yield criterion, estimation of the Coulomb’s friction coefficient, 

and isotropic linear hardening in the welding material model, both the tendencies and 

magnitudes of the shape distortions of the forming and welding processes were well captured. 
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The predicted shape deviation after welding exhibited encouraging agreement with the 

measured values. The small disparity between the predicted and measured responses after 

coupled forming and welding were within the expected reproducibility in production, indicating 

that the model accuracy is sufficiently high. Even though the use of the thermo-elastoplastic 

FEM in the welding simulation may be more computational costly than other prediction 

methods, such as the elastic FEM approach coupled with the large deformation theory by Deng 

and Murakawa [30], the use of a nonlinear coupled mechanical-thermal solver allows the 

simulation of the welding procedure with high accuracy. Finally, the presented FE methodology 

could greatly support the development of future manufacturing procedures for lightweight 

designs in which new advanced materials are combined in an optimal way. 
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Cold and hot forming procedures for alloy 718 
 

Lluís Pérez Caro, Eva-Lis Odenberger, Mats Oldenburg 

 

 

Abstract 

 

Since the past few decades, superalloys have had an important role in the reduction of fuel 

consumption and carbon dioxide emissions for the transportation sector due to major concerns 

about climate change and more restrictive environmental laws. Advanced manufacturing 

methods in nickel-based superalloy aero-engine components allow lightweight designs with a 

reduced product cost and weight while increasing the efficiency of the engine. However, the 

prediction of the final geometry of a hot-formed part remains a challenge. In this work, a 

double-curved sheet-metal component in alloy 718 is studied. The material is characterized at 

20°C and 900°C. The predicted shape deviation of the part when considering the anisotropic 

Barlat Yld2000-2D material model with data at both temperatures is discussed. The effect of 

including data from stress-relaxation tests at 900°C on the simulated springback is assessed. A 

hot-forming test is performed at around 900°C to validate the FE simulations regarding 

springback, strain levels, forming temperatures, and press forces. The results show the 

significance in considering the input data at high temperatures along with the stress-relaxation 

behaviour at different strain levels to accurately predict the final geometry of the component. 

 

1. Introduction 

 

The alloy 718 is one of the most frequently used alloys in the hot sections of aircraft engines 

because of its high strength, good ductility, and corrosion resistance at elevated temperatures. 

Even though cold forming is usually preferred in the production of thin sheet metal parts of 

superalloys because of the relatively narrow hot-forming temperature range (between 925–1260 

°C) and process difficulties [1], the formation of micro-cracks and open fractures may affect 

the springback of the part greatly [2]. Hence, hot forming can be chosen to reduce the amount 

of residual stresses over the part and minimize the shape distortions as well as the formation of 

cracks. 

 

Many authors have studied the effect of the forming temperature on the predicted springback 

in different materials. Yanagimoto and Oyamada [3] concluded that the springback of two 

precipitation-hardened high-strength steels after a V-bending test was markedly reduced when 

the forming temperature was higher than 477 °C. Mori et al. [4] reached similar conclusions in 

three high- and one ultra-high tensile strength steel sheets. The amount of springback gradually 

decreased with temperatures ranging from 20 to 800 °C. In the case of the ultra-high tensile 

strength steel, the optimal heating temperature was around 600 °C whereas no springback was 

measured at 800 °C. Liu et al. [5] found that the springback in 22MnB5 boron steel sheets is 

greatly reduced after increasing the temperature from 700 to 950 °C. As reported by Wang et 

al. [6], the hot stamping is beneficial for springback reduction, particularly when using hot dies, 

in the aluminium alloy AA5754. 

 

Combining hot stretch bending and creep forming has proved to further reduce springback in 

titanium alloys [7]. The principle of this manufacturing process is leading a stress relaxation 

stage by maintaining the workpiece against the die for a selected dwell time after the hot stretch 

bending stage at 600 °C. The residual stresses in the part decreased after the stress relaxation, 

which led to a smaller springback. Odenberger et al. [8] reached similar conclusions in the 
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thermo-mechanical forming of thin titanium alloy Ti-6Al-4V sheets. In this work, a double-

curved component made of alloy 718 was formed at a temperature around 900 °C following a 

crash-forming procedure, meaning that the part was formed only using a punch and die with no 

drawbeads to control the metal flow. The geometry of the double-curved component is shown 

in Fig. 1. The thermomechanical material properties of alloy 718 at 20 and 900 °C were 

determined and used in the FE simulations. The effect of including data from the material 

characterization tests at high temperatures in the predicted shape distortions after forming of a 

double-curved sheet-metal component in alloy 718 is discussed. An initial study of the impact 

of including the stress-relaxation behaviour to the springback analysis in the forming simulation 

at 900 °C is also included. 

 

 
 

Fig. 1 Geometry of the double-curved component. All measurements are expressed in mm 

 

2. Material 

 

The sheet material studied in this work is the alloy 718 (UNS N07718) with a sheet thickness 

of 2.6 mm. The material is a precipitation-hardenable nickel-based superalloy in the solution-

annealed condition. The chemical composition, extracted from the material certificate, is listed 

in Table 1. 

 
Table 1 

Chemical composition of the alloy 718 [wt%] 

 
C S Mn Si Cr Mo Co Ti Al B Zr 

0.019 <0.0003 0.07 0.07 17.78 2.88 0.15 1.05 0.48 0.004 <0.01 

Fe Cu Ni P Nb Ta W V Nb+Ta Ti+Al Ni+Co 

18.47 0.03 53.86 0.008 5.05 <0.01 0.02 0.03 5.06 1.53 54.01 

 

3. Material characterization tests 

 

Uniaxial tensile tests were performed in three different in-plane directions with respect to the 

rolling direction: longitudinal (L), transverse (T), and diagonal (D) at 20 and 900 °C according 

to the SS-EN ISO 6892-1:2009 and SS-EN ISO 6892-2:2011 standards. The specimens tested 

at 900 °C were heated up with help of an induction coil whereas the temperature was measured 

at the centre of each specimen using a pyrometer. The emissivity was calibrated against a type-

K thermocouple with an accuracy of ±1% with respect to the target temperature. The specimens 

were tested at a strain rate of 0.0014 s−1 up to an engineering strain of 0.2% followed by a strain 

rate of 0.004 s−1 until fracture in an MTS tensile test equipment with a load capacity of 100 kN. 

The deformation of every test was continuously measured using the ARAMIS™ digital image 

correlation system (DIC) after spraying a stochastic pattern on its surface which can sustain 



 

115 

 

high temperatures and strains. The hardening curves from the tensile tests in Fig. 2 were 

smoothed using the smoothing-spline function in MATLAB R2014b. The mechanical 

properties of the material listed in Table 2 were calculated based on the smoothed curves.  

 

A viscous bulge test [9] was performed at 20 °C using a Wemhöner hydraulic press with a 

stamping force capability of 1300 tons at 5 mm/s to obtain data in a balanced biaxial stress state. 

The biaxial reference point (true effective plastic strain = 0.043, true stress = 681.34 MPa) was 

used to determine the biaxial yield stress. The biaxial yield stress at 900 °C was scaled down 

following the same tendency as the yield stress in the longitudinal direction with respect to the 

rolling direction. The biaxial yield stresses at both temperatures are listed in Table 2.  

 

 

 

Fig. 2 Hardening curves for alloy 718 at 20 °C and 900 °C 

 
Table 2 

Experimental yield stresses and R-values for alloy 718 at 20 °C and 900 °C. The R-values are determined in the 

true effective plastic strain range of 0.0–0.04 

 

Temp. 

[MPa] 

SIG00 

[MPa] 

SIG45 

[MPa] 

SIG90 

[MPa] 

SIGbiaxial 

[MPa] 
R00 R45 R90 Rbiaxial 

20 504.62 491.12 481.67 538.00 0.761 0.912 0.960 1.000 

900 169.78 151.13 160.69 181.01 0.879 0.992 0.999 1.000 

 

The stress relaxation test was performed at 900 °C only in the longitudinal rolling direction 

with respect to the rolling direction. The same test setup as for the uniaxial tensile tests was 

used. In this case, the specimen was tested at a strain rate of 0.0014 s−1 and deformed up to an 

engineering strain of 5%. The displacement was held at that position for 17 s while the force 

reduction with time was recorded. The curve was then smoothed and extrapolated up to 900 s 

using MATLAB R2017a. Fig. 3 shows both the experimental and smoothed stress-relaxation 

curves. The scale factor of 0.0584 used to scale down the residual stresses from the forming 

simulation at 900 °C was calculated from the difference between the true stress at the beginning 

and end of the stress-relaxation test using a user-defined post processing script. 
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Fig. 3 Experimental and smoothed stress-relaxation curves for alloy 718 at 900 °C 

 

4. Numerical procedure 

 

The finite element (FE) model for the crash-forming simulation was modelled in Dynaform 

v5.9.3 and analysed using the explicit solver in LS-DYNA R10.0.0 [10]. The whole model 

contains 78485 shell elements, and it consists of a punch, die, and blank, see Fig. 4. The tool 

surfaces were modelled as rigid. The die travels in the negative z direction towards the punch 

at 25 mm/s. The stamping force is 1500 kN. The contact between the tool and the blank was 

modelled as a contact interface using a friction model assumed to follow the Coulomb’s friction 

law [11]. The friction coefficient is set to 0.125 at a constant temperature of 20 °C. 

 

The blank was modelled using quadratic fully-integrated shell elements with seven integration 

points through the thickness. The initial element size was 3 mm. An h-adaptive method of mesh 

refinement is used to locally increase the mesh density where needed. 

 

 

 

Fig. 4 FE tool setup of the forming simulations with a detailed view of the initial mesh of the blank 
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The anisotropic Barlat Yld2000-2D [12] material model was used in the forming simulation. 

The eight material parameters required to calibrate the model at each temperature are listed in 

Table 2. From the equations of the yield function [2], the material coefficient 𝑎 is set to eight 

as suggested for materials with an FCC crystal structure [13]. The shape of the calibrated yield 

surfaces along with the variation in the yield stresses and R-values as a function of the rolling 

direction are illustrated in Fig. 5. 

 

 

 

Fig. 5 (a) Calibrated yield surfaces for alloy 718 at 20 °C (in black) and 900 °C (in grey) for different amounts of 

shear stress (0, 0.5), and (b) measured and predicted R-values and initial yield stresses depending on the rolling 

direction at 20 °C (in black) and 900 °C (in grey) 

 

5. Validation 

 

A crash-forming procedure was performed at around 900 °C in order to correlate the numerical 

predictions with experimental values. The tool parts were heated up with help of 2000 W 

cartridge heaters strategically placed under the surface of each tool part to achieve an evenly 

distributed temperature. The blank was placed on four support pins over the punch, and both 

the punch and die were moved closer together to heat the test piece up to the target temperature. 

The temperature of the blank was continuously measured with a type-K thermocouple. The 

blank was formed with a punch force of 1500 kN and holding time of 900 s. In this study, the 

temperature on the tool parts and blank was assumed 900 °C during the whole forming 

procedure. The shape deviation of the formed part was evaluated using 3D scanning and best-

fit CAD evaluation. 

 

6. Results and discussion 

 

Fig. 6 illustrates a comparison between the predicted effective plastic strains and von Mises 

stresses on the formed part using the experimental material properties at 20 and 900 °C together 

with the data from the stress-relaxation tests. The use of material data at 900 °C decreases the 

predicted residual stresses on the double-curved component 63% with respect to the residual 

stress state at 20 °C. The application of data from the stress-relaxation tests in the forming 

simulation at 900 °C yields a reduction of the predicted residual stresses on the part up to 98%.  
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Fig. 6 Predicted effective plastic strains (a)–(c) and von Mises stresses (d)–(f) in the formed part using the material 

data at 20 °C, 900 °C, and considering the stress-relaxation tests. The von Mises stresses are expressed in MPa 

 

The residual stress state in the material greatly affects the springback behaviour of the part. Fig. 

7 shows the simulated shape distortions after the three considered cases. The forming simulation 

at 20 °C predicts the highest springback, being 10.525 mm, see Fig. 7a. Even though the residual 

stresses after forming at 900 °C may suggest a moderate springback behaviour of the part, the 

total shape deviation is 10.400 mm, slightly lower than the previous one, as shown in Fig. 7b. 

The use of data from the stress-relaxation tests reduces the total springback of the part to 0.568 

mm, see Fig. 7c. 

 

The experimental E-modulus from the DIC measurements at 20 °C is 173.315 GPa whereas at 

900 °C is 57.785 GPa. The considerable difference of the latter can be explained from the 

calculation of the E-modulus from the hardening curves. Depending on, for instance, the 

number of data points recorded in the elastic part, the calculated E-modulus may vary 

significantly and therefore other mechanical properties of the material, including the springback 

behaviour. The E-moduli obtained in this work are in accordance with Karanjule et al. [14], 

who concluded that the springback and E-modulus are inversely proportional for different 

grades of carbon steels. 

 

 

 

Fig. 7 Predicted shape distortions after forming at (a) 20 °C, (b) 900 °C, and (c) considering the stress-relaxation 

tests. The areas with a higher mesh density are marked in black 
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Fig. 8 compares the total amount of shape distortions in the part considering data at 900 °C and 

from the stress-relaxation tests with the 3D scanned part after the hot forming test. The mid 

hole was trimmed from the CAD nominal geometry for comparison purposes. The best 

agreement is found on the four edges, with a difference <0.5 mm. Major deviances are found 

on the central part of the component surely because of the elastic input data to the FE analyses 

and a lower test temperature in the actual forming test close to 900 °C. 

 

 

 

Fig. 8 (a) Predicted and (b) measured shape distortions after forming at 900 °C. The FE analyses include the data 

from the stress-relaxation tests. All measurements are expressed in mm. 

 

7. Conclusions 

 

In this study, the effect of the forming temperature in the amount of degree of springback of a 

double-curved component made of alloy 718 was studied. The reduction of shape distortions 

by increasing the forming temperature and by considering the stress relaxation of the material 

was noticed. The elastic properties of the material were found to be strongly dependent on the 

evaluation method of the material characterization tests, especially at high temperatures. 

Consequently, alternative procedures to obtain more accurate material data may be necessary 

to consider. The industry could greatly benefit from the use of thermomechanical FE analyses 

to develop future manufacturing processes in new advanced lightweight materials where the 

final geometry of the formed part is within tolerance, avoiding expensive tool try-outs while 

minimizing time and costs. 
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Validation of hot forming in alloy 718 
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Oldenburg 

 

 

Abstract 

 

The demands associated with the production of advanced parts made of nickel-base superalloys 

are continuously increasing to meet the requirements of current environmental laws. The use of 

lightweight components in load-carrying aero-engine structures has the potential to 

significantly reduce fuel consumption and greenhouse gas emissions. Furthermore, the 

competitiveness of the aero-engine industry can benefit from reduced production costs and 

shorter development times while minimizing costly try-outs and increasing the efficiency of 

engines. The manufacturing process of aero-engine parts in superalloys at temperatures close 

to 950 °C produces reduced stamping force, residual stresses, and springback compared to 

traditional forming procedures occurring at room temperature. In this work, a hot forming 

procedure of a double-curved component in alloy 718 is studied. The mechanical properties of 

the material are determined between 20 and 1000 °C. The presence and nature of serrations in 

the stress–strain curves are assessed. The novel version of the anisotropic Barlat Yld2000-2D 

material model, which allows the input of thermo-mechanical data, is used in LS-DYNA to 

model the behaviour of the material at high temperatures. The effect of considering the stress-

relaxation data on the predicted shape distortions is evaluated. The results show the importance 

of considering the thermo-mechanical anisotropic properties and stress-relaxation behaviour of 

the material to predict the final geometry of the component with high accuracy. The 

implementation of advanced material models in the finite element (FE) analyses, along with 

precise process conditions, is vital to produce lightweight components in advanced materials of 

interest to the aerospace industry. 

 

1. Introduction 

 

The current role of the aviation industry in the reduction of carbon dioxide (CO2) emissions has 

been intensified to meet the requirements of increasingly stringent environmental legislations. 

The reduction of the thickness, and consequently, the weight of load-carrying structures, has 

the potential to significantly reduce fuel consumption and improve the efficiency of engines. 

Traditional cold forming procedures of advanced parts made of nickel-base superalloys present 

some challenges, such as considerable material consumption, high amount of residual stresses 

and springback, high stamping loads, and limited formability. In the manufacturing process of 

a turbine exhaust case (TEC), a double-curved component made of alloy 718 is welded together 

with other parts to form a subassembly, as illustrated in Fig. 1. Excessive shape distortions and 

residual stresses in the formed part may significantly affect the subsequent steps in the 

manufacturing chain. The economic consequences of repetitive and time-consuming try-out 

compensation loops can be detrimental to the competitiveness of the industry.  
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Fig. 1 Location of the double-curved component in a jet engine (courtesy of GKN Aerospace Sweden) 

 

To overcome such difficulties, the manufacturing of complex parts in nickel-base superalloys 

employs advanced thermo-mechanical forming techniques, where the material is heated up to 

temperatures around 950 °C. Hot forming has, in general, several advantages compared to cold 

forming, i.e. reduced material consumption, stamping force, amount of residual stresses, and 

springback [1]. Some disadvantages are related to, for instance, high-energy consumption 

during forming and the requirement of more intermediate steps in the manufacturing chain, 

which, in turn, generates additional maintenance of the tool parts and thereby increases the 

product cost. In addition, forming of nickel-base superalloys at intermediate temperatures may 

promote the precipitation of secondary phases in the matrix and, thereby, trigger the occurrence 

of the serrated yielding phenomenon. The formability of the blank can negatively be affected 

due to the inhomogeneous deformation and flow limitation of the material. Conducting the hot 

forming procedure at forming temperatures near 950 °C prevents precipitation hardening, while 

the component can be held for a specific period of time to reduce the residual stresses over the 

part, allowing the material to stress relax with time, thereby reducing the amount of springback. 

The degree of stress reduction that can be obtained in a hot forming procedure originates from 

the thermo-mechanical properties of the material and depends on several factors, i.e. initial 

stress level, temperature, and holding time [2, 3]. The process parameters, along with the 

anisotropy and temperature dependence of the material are vital to obtaining accurate FE 

predictions of the hot forming process [3-7]. Short manufacturing and delivery times can 

improve the competitiveness of the aviation industry. Relatively high forming temperatures 

may reduce the manufacturing time of a component while minimizing the amount of springback 

and residual stresses in the subsequent step in the manufacturing chain. The aim is to produce 

lightweight components where the final geometry of the part is secured while maintaining the 

required structural performance. The use of virtual shape distortion prediction and 

compensation tools is, therefore, key to the industry. 

 

Several numerical studies have been performed on the springback prediction during hot forming 

of different materials, such as ultra-high-strength steels [1, 8, 9] and aluminum [10-13] alloys. 

Odenberger et al. [14] developed a hot forming procedure of a component made of Ti-6Al-4V 

using FE analyses. In further work by Odenberger et al. [3, 5], they concluded that anisotropic 

time- and temperature-dependent material data were key to obtaining an accurate magnitude 

and distribution of the predicted shape deviation within the sheet thickness. Jeong et al. [15] 

studied the formability of Inconel 625 between 900 and 1200 °C. No previous work in the 

prediction of shape deviations during hot forming in alloy 718 was found in literature. 
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In this work, the thermomechanical manufacturing process of a double-curved component made 

of alloy 718 is studied, see Fig. 2. The FE analyses of the chosen hot forming procedure consist 

of a crash forming step at a target temperature of 950 °C, followed by stress relaxation and 

springback, using LS-DYNA. The mechanical properties of the material are determined 

between 20 and 1000 °C and used as input to the novel thermo-mechanical version of the Barlat 

Yld2000-2D material model based on previous work by Barlat et al. [16]. A qualitative analysis 

of the shape of the stress–strain curves at high temperatures is performed. The microstructure 

of selected specimens is connected to the behaviour of the material at specific temperatures. A 

validation hot forming test is performed at approximately 900 °C to compare the predicted with 

the measured final shapes of the component via three-dimensional (3D) scanning and best-fit 

computer-aided design (CAD) evaluation. The effect of using stress relaxation data on the 

predicted springback of the component is assessed. 

 

 
  
Fig. 2 Dimensions of the double-curved component [mm] 
 

2. Material 

 

The material used in this work is the precipitation-hardenable nickel–chromium alloy 718 (UNS 

N07718) in the form of thin sheets with a thickness of 2.6 mm, and under the solution-annealed 

condition in accordance with the SAE AMS5596 specification. The chemical composition can 

be found in the work by Pérez Caro et al. [17]. 

 

Fig. 3 shows the typical microstructure of alloy 718 under the solution-annealed condition. The 

microstructure consists of the face-centred cubic (FCC) γ-phase matrix and sparse primary 

carbides, such as NbC, TiC, and δ phase located at the grain boundaries. Alloy 718 is usually 

strengthened by precipitation hardening of ordered FCC γ’-Ni3(Al, Ti), particularly ordered 

body-centred tetragonal (BCT) γ”-Ni3Nb phases, during the subsequent aging heat treatment. 

Extended exposure of those precipitates to high temperatures may transform them into the 

detrimental η-Ni3Ti and δ-Ni3Nb phases, respectively [18]. As specified in the material 

certificate, the material was free of Laves phase. 
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Fig. 3 Microstructure of the specific batch of alloy 718 in the as-received condition 
 

3. Dynamic strain aging 

 

The serrated yielding phenomenon exhibits discontinuities, such as serrations or load drops, in 

the stress–strain curves obtained by uniaxial tensile tests at a constant strain rate [19]. This 

process is also known as the Portevin-Le Chatelier (PLC) effect [20, 21], which exhibits as a 

set of bands propagating across the specimen. The dynamic strain aging (DSA) effect is 

considered, in this study, as the physical process that causes the serrated plastic flow. The 

serrations are induced by the interactions between mobile dislocations and interstitial or 

substitutional solutes [22]. 

 

The serrations in the stress–strain curve due to DSA are usually classified into five different 

categories: A, B, C, D, and E, depending on both the temperature and strain rate [19]. In the A-

type serrations, the stress increases and decreases above and below the mean level of the flow 

curve, respectively, in a periodic manner. Repeated deformation bands are believed to initiate 

at the same end of the specimen and propagate in the same direction along the gauge length. 

They occur at relatively low temperatures and high strain rates. The B-type serrations are quick 

fluctuations at approximately the mean level of the hardening curve. They usually develop from 

the A-type serrations at relatively high strain values; however, they may also appear at the onset 

of serrations at higher temperatures and lower strain rates compared to those of the A-type. The 

increment of the stresses above the general level of the curve indicates that both A- and B-type 

can be considered as locking serrations. The C-type serrations appear as stress drops below the 

mean level of the hardening curve, indicating that dislocations are being unlocked. They usually 

arise at higher temperatures and lower strain rates than those of the A- and B-type. Fig. 4 

illustrates the different types of serrations. Since the D- and E-type serrations are not commonly 

reported, they are not considered in this study. 

 

 
 
Fig. 4 A-, B-, and C-type serrations, extracted from [19] 
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The DSA effect has previously been studied in many nickel-base superalloys, such as alloy 718, 

because it occurs at the same temperature range as their typical service temperature, which may 

affect the properties and service life of the component. The serrated flow that occurs during the 

DSA phenomenon results in inhomogeneous deformation of the material, leading to negative 

strain rate sensitivity and, therefore, causes material instability and flow limitation during the 

forming process at intermediate temperatures [23]. Nalawade et al. [24] studied the presence 

and nature of serrations, depending on the temperature and initial microstructure, in a solution-

treated alloy 718. They performed uniaxial tensile tests at a strain rate of 6.5 × 10−5 s−1 between 

200 and 700 °C. A-type serrations appeared at 200 °C, whereas B-type serrations were present 

between 300 and 450 °C. The latter temperature was identified as the point from where the C-

type serrations were dominant up to 700 °C. These results were validated by Hayes [25], who 

identified analogous types of serrations in the same temperature range. Further work by 

Nalawade et al. [26] included the effect of the strain rate in the serrated yielding behaviour of 

alloy 718. The uniaxial tensile tests at 6.5 × 10−3 s−1 yielded no serrations at 200 °C. A-type 

serrations appeared at 300 °C, whereas B- or A+B-type serrations were present between 400 

and 600 °C. C-type serrations were found at 650 °C. No serrations appeared at 700 °C. 

Similarly, the findings from Weaver and Hale [22] in a process-annealed alloy 718 at 1.4 × 10−3 

s−1 showed A- and B-type serrations in a temperature range of 231–465 °C. C-type serrations 

appeared between 520 and 760 °C. The same tendencies were observed by Rezende et al. [27] 

in a solution-annealed alloy 718 under secondary vacuum. Uniaxial tensile tests between 200 

and 800 °C at a strain rate of 3.2 × 10−4 s−1 yielded A- and B-type serrations from 200 to 450 

°C, whereas C-type serrations were observed from 450 to 750 °C. No serrations were observed 

at 800 °C. Maj et al. [28] used statistical methods to analyse the different types of serrations 

present in a solution-strengthened alloy 718 subjected to uniaxial tensile testing at different 

temperatures and strain rates. The tensile tests performed at a strain rate of 2 × 10−3 s−1 produced 

A-type serrations at 250 °C, whereas B-type serrations appeared at 300 °C. C-type serrations 

were present between 300 and 750 °C, with a combination of C-and A-type serrations at 600 

°C. 

 

According to Rezende et al. [27], the behaviour of solution-annealed alloy 718 at elevated 

temperatures can be defined by two other mechanisms apart from DSA, i.e. precipitation 

hardening, and oxygen assisted intergranular cracking (OAIC). The OAIC phenomenon occurs 

due to the brittle intergranular cracking that occurs when the alloy is deformed at elevated 

temperatures because of oxygen penetration into the grain boundaries in the form of NbO [29, 

30]. The transition from the normal to inverse behaviour of the critical strain for the onset of 

serrations at 600 °C indicates the beginning of simultaneous precipitation hardening and OAIC. 

The concentration of Nb is drastically reduced owing to the formation of γ’ and γ” precipitates.  

 

4. Experimental work 

 

4.1. Material-characterization tests 

 

Uniaxial tensile tests were carried out using an MTS 810 100 kN servo-hydraulic machine and 

the digital image correlation (DIC) system ARAMIS™ for strain measurements. Test 

specimens were laser cut in three directions referenced to the rolling direction: longitudinal (L), 

diagonal (D), and transverse (T). The geometry of the samples can be found in Pérez Caro et 

al. [17]. The tests were performed at a strain range of 1.4 × 10−3 – 4.0 × 10−3 s−1 and temperature 

range of 20 – 1000 °C, conforming to the ISO 6892-1:2009 and ISO 6892-2:2011 standards. 

Each target temperature, i.e. 150, 300, 500, 700, 800, 900, 950, and 1000 °C, was reached using 

inductive heating. The temperature was measured until fracture using two different Optris CT 
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pyrometers, LT22 (150–700 °C) and 3MH2 (800–1000 °C), pointed at the centre of the surface 

of each specimen. The emissivity was previously calibrated against a type-K thermocouple at 

each target temperature with a maximum error <1%. The distribution of the temperature along 

the evaluation length, at the start of selected tests, was measured using a FLIR T440 infrared 

camera. The variation was, in all cases, between 0.5 and 1% of the corresponding target 

temperature. 

 

A temperature-resistant stochastic pattern was painted on the surface of the samples to measure 

and compute the deformations during the tests using a facet size/step of 19 × 15 pixels and a 

frame rate range of 20 – 4 Hz. The flow curves for alloy 718 in Fig. 5a were obtained after the 

evaluation of the strain-localisation area before fracture, with an average size of 4 × 5 mm. The 

abrupt change in the slope of the hardening curves at 900, 950, and 1000 °C is due to the 

variation in strain rate during the test. Due to the presence of serrations, and the need to acquire 

smooth and continuous input data into the FE simulations, the hardening curves were smoothed 

using a user-defined code based on the smoothing-spline function in MATLAB R2014b, as 

illustrated in Fig. 5b. 

 

 
 

Fig. 5 (a) Original and (b) smoothed flow curves for alloy 718 between 20 and 1000 °C in the L direction [31]. 

The hardening curve at 800 °C is added in this study for a better understanding of the behaviour of the material at 

elevated temperatures 
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The experimental mechanical properties of alloy 718 between 20 and 1000 °C, calculated from 

the smoothed curves, are listed in Table 1. The Young’s moduli (E) were previously determined 

by Pérez Caro [31] by the impulse excitation technique (IET) [32] between 20 and 700 °C, 

whereas the elastic data at higher temperatures, up to 1000 °C, were extracted from JMatPro®-

V9. The Young’s modulus was used as a reference for determining the initial yield stresses at 

each temperature. The biaxial yield stress of alloy 718 at 20 °C, obtained by the silicone-rubber 

bulge test [33] by Pérez Caro et al. [17], was used to scale the biaxial yield stresses between 

150 and 1000 °C, following the same tendency as in the yield stresses obtained from the uniaxial 

tensile tests in the longitudinal direction. The Lankford coefficient, in the biaxial stress state, is 

assumed equal to one at all temperatures. 

 

The variation of the Young’s modulus with temperature and strain was determined through 

loading–unloading tests using the same test setup as for the uniaxial tensile tests. Every 

specimen was unloaded at different strain levels according to the displacement sensor in the 

tensile test machine, i.e. 3%, 8%, 11%, and 19%. The Young’s modulus at each target 

temperature in Table 1 was scaled according to the corresponding percentage variation found 

from the loading–unloading tests. Table 2 lists the calculated Young’s moduli as a function of 

temperature and strain. 

 
Table 1 

Experimental parameters for alloy 718 between 20 and 1000 °C used to calibrate the novel version of the Barlat 

Yld2000-2D material model. The data at 20 °C, as well as the E-moduli, are extracted from Pérez Caro [31]. The 

yield stresses and Lankford coefficients are expressed in the L, D, and T directions, and in the biaxial (B) stress 

state 

 
Temperature 

[°C] 

E 

[MPa] 

Yield stress [MPa] Lankford coefficient 

L D T B L D T 

20 196220 502.43 489.87 480.56 538.00 0.761 0.912 0.960 

150 189980 436.46 426.38 426.21 467.36 0.753 0.825 0.868 

300 181910 376.12 373.63 376.62 402.74 0.759 0.860 0.889 

500 171150 355.68 357.12 355.84 380.87 0.825 0.924 0.955 

700 160390 359.40 354.26 354.50 384.84 0.831 0.961 0.943 

800 151935 352.99 334.55 340.45 377.98 0.799 0.913 0.929 

900 142716 149.41 135.03 146.92 159.99 0.879 1.002 0.999 

950 138633 133.59 125.10 137.62 143.04 0.893 1.008 1.002 

1000 134495 131.52 100.61 105.17 140.83 0.892 1.037 1.041 

 
Table 2 

Variation of the Young’s modulus for alloy 718 as a function of temperature and strain (ε). The specimen at 800 

°C fractured at approximately 15% strain 

 
Temperature 

[°C] 

E [MPa] 

ε = 3% ε = 8% ε = 11% ε = 19% 

20 163720 143655 136313 114477 

150 161479 142154 134590 118733 

300 156878 139733 132396 120683 

500 159475 144800 137373 120244 

700 152045 136600 130601 114874 

800 146602 130203 124755 --- 

900 140036 124011 120376 104310 

950 136864 121957 117946 104329 

1000 132890 119045 115746 106638 
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Stress relaxation tests were performed, in the L direction, at a strain rate of 1.4 × 10−3 s−1 

between 800 and 900 °C. The specimens were tested, using the MTS equipment, up to an 

engineering strain of 3%, and held at those positions while the force, i.e. stress reduction, with 

time was recorded. The occurrence of stress relaxation in the elastic region for alloy 718 at high 

temperatures was assumed as a similar behaviour as reported by Odenberger et al. [3] during 

the hot forming of Ti-6Al-4V. Each curve was smoothed and extrapolated up to 900 s using a 

user-defined code in MATLAB R2017a. Fig. 6 shows both the experimental and smoothed 

curves. The difference between the true stresses at the beginning and end of each stress 

relaxation curve yielded a scale factor of 0.257, which was implemented in a user-defined code 

in Fortran 77 to scale down the residual stresses obtained from the hot forming FE simulation. 

The transformed stress state was used as input to the subsequent springback FE analysis. 

 

 
 

Fig. 6 Original and smoothed (_sm) stress relaxation curves for alloy 718 at different temperatures 

 

4.2. Microstructural examinations 

 

Fig. 7 shows the typical microstructure of alloy 718, obtained from an optical microscope, after 

testing at 20, 700, and 1000 °C. The samples were extracted at a small distance from the fracture 

zone, after which they were polished with 3 μm diamond paste, and finally etched with oxalic 

acid at 2.6 V. The tested specimens at 20, 700, and 1000 °C presented almost no variation in 

grain sizes. However, there was a noticeable increment and coarsening of the grain boundary 

precipitates with temperature. The irregular grain edges and strain lines inside some of the 

grains suggest dynamic recrystallization at 1000 °C.  

 

The microstructure of the fracture surfaces from the uniaxial tensile tests was studied by 

scanning electron microscopy (SEM). The chemical elemental composition was analysed with 

energy-dispersive X-ray spectroscopy (EDS). Fig. 8 shows selected SEM images from the 

fractured surfaces of the specimens tested at 20, 700, and 1000 °C.  
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Fig. 7 Microstructure of the specific batch of alloy 718 at (a) 20 °C, (b) 700 °C, and (c) 1000 °C 
 

 
 
Fig. 8 Fracture surfaces of the tested tensile specimens at (a) 20 °C, (b) 700 °C, and (c) 1000 °C 

 

4.3. Validation test 

 

A crash-forming test at elevated temperature was performed to validate the predicted shape 

distortions and temperatures from the FE simulations. The tool used for the forming 

experiments at room temperature by Pérez Caro [31] was modified for this purpose. The punch 

and die were heated up to the desired forming temperature using 36 UTX electrical cartridge 

heaters, with power ranges from 2000 to 2500 W each, strategically placed inside each tool part 

to obtain an evenly distributed temperature on the surface. Fig. 9 illustrates the hot forming test 

setup. The punch and die were thermally insulated preventing heat transfer to the surrounding 

tool parts.  

 

 
 
Fig. 9 Hot forming tooling (CAD), with the formed part, punch, die, insulation material, and positioning pins. The 

heating cartridges are placed inside the holes in both the punch and die 
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The forming test was carried out using a Wemhöner hydraulic press with 1300 tons of press 

capacity. A type-K thermocouple was welded on the left edge of the blank to measure its 

temperature during the heating and forming process, as shown in Fig. 10. The blank was placed 

on support pins, and the die was moved closer to the punch to heat the blank up to 900 °C. 

When the temperature of the part was stable, the die returned to its start position and the forming 

test was initiated, see Fig. 10. The initial forming temperature was 728.4 °C. The component 

was formed at a velocity of 5 mm/s and a stamping force of 1500 kN, followed by a holding 

time of 900 s in the closed-tool position. The measured temperature of the component, at the 

end of the hot forming process, was 881.5 °C. The average temperature of the blank, between 

the start of the hot forming procedure and end of holding, was 872.6 °C. After the forming 

process, the part was allowed to air cool to room temperature. 

 

 
 
Fig. 10 Temperature of the blank during the hot forming process, including holding and cooling to room 

temperature. The blank is placed on support pins with the thermocouple attached to its left edge 
 

The distribution of the temperature on the surface of the punch, die, and blank was measured 

using the thermal camera. An emissivity factor of 0.80 was determined by comparison of the 

thermal images with the measured temperature of the blank at the end of the heating stage. The 

blank, punch, and die were previously coated with boron nitride to avoid reflections that could 

affect the measurements with the thermal camera. The surface temperature of the tool parts in 

Figs. 11a and 11b corresponds to the stage before placing the blank on the positioning pins. 

Four different temperature zones were differentiated in each part, see Figs. 11c and 11d, as 

listed in Table 3. 
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Fig. 11 Thermal images of the (a) punch and (b) die before the heating stage of the blank, prior to the forming 

procedure; (c) and (d) the corresponding thermal zones, P1 – P4 and D1 – D4 

 
Table 3 

Average surface temperatures in the four different zones of the punch (P) and die (D) 

 

Zone Temperature [°C] 

P1 839.9 

P2 899.8 

P3 924.9 

P4 959.7 

D1 847.4 

D2 925.8 

D3 928.9 

D4 962.8 

 

The total amount of springback was measured, after the hot forming process, via 3D scanning. 

The scanned part was compared with the CAD nominal geometry using a best-fit evaluation.  

 

5. Numerical procedure 

 

The FE analysis of the manufacturing process of the double-curved component made of alloy 

718 consists of a crash-forming procedure, including heating, crash-forming, and holding 

allowing for stress relaxation, followed by springback. The virtual tool setup was created in 

Dynaform v5.9.3 from the initial graphics exchange specification (IGS) surfaces obtained via a 

three-dimensional (3D) scan of the physical tool. Fig. 12 illustrates the FE model, which 

includes the die, blank, and punch. The tool setup included 250584 nodes and 249946 elements. 

The hot forming simulation was analysed using a coupled thermo-mechanical approach in LS-

DYNA R11.0.0 [34], i.e. the explicit and implicit solvers for the mechanical and thermal 

calculations, respectively. The tool parts were modelled as rigid. The die travelled at a velocity 

of 500 mm/s, corresponding to a scale factor of 100, in the negative z-direction based on a 

prescribed velocity profile. A static and dynamic coefficient of friction of 0.40 was assumed 
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and modelled using the Coulomb’s friction law in the mechanical contact between the blank, 

punch, and die. Several authors have used similar values of the friction coefficients, ranging 

from 0.42 to 0.45, in the press hardening of boron steel [35] and hot stamping of high-strength 

steel [36], respectively, yielding promising agreement with experimental results. 

 

 
 
Fig. 12 FE model of the hot forming procedure in alloy 718 

 

The model of the blank consisted of 34449 nodes and 33992 square shell elements. The element 

size was 2 mm. The element formulation was fully integrated (type 16) with four and seven 

integration points in-plane and through the thickness, respectively. The novel version of the 

Yld2000 material model by Barlat [16], which considers thermo-mechanical data, was used to 

model the behaviour of the component during the hot forming process. The input data needed 

to calibrate the model was obtained from the non-destructive, uniaxial tensile, and bulge tests, 

c.f. Table 1. The variation of the shape of the yield surface with temperature is shown in Fig. 

13. The corresponding α parameters that determine each yield surface are listed in Table 4. The 

variations of the initial yield stresses and Lankford coefficients depending on the rolling 

direction are illustrated in Fig. 14. As recommended by Barlat and Lian [37] for FCC materials, 

the flow potential exponent in the definition of the yield function is assumed to equal 8. 
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Fig. 13 Calibrated yield surfaces for alloy 718 between 20 and 1000 °C. The curves correspond to 0 and 0.5 shear 

stress values. The experimental yield stresses (σ) for the three rolling directions tested (L, D, and T), and in the B 

stress state, are included, c.f. Table 1  

 

 
 
Fig. 14 Variation of (a) yield stresses and (b) Lankford coefficients with rolling direction for alloy 718 between 

20 and 1000 °C. The experimental data are referenced to the L (0°), D (45°), and T (90°) directions 
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Table 4 

Barlat Yld2000-2D anisotropic parameters (αi) for alloy 718 between 20 and 1000 °C. The data at 20 °C is extracted 

from Pérez Caro [31] 

 

Temperature 

[°C] 

α1 α2 α3 α4 α5 α6 α7 α8 

20 0.8693 1.1190 0.8083 0.9929 0.9859 0.8372 1.0010 1.1580 

150 0.9105 1.0490 0.8229 0.9875 0.9841 0.8371 0.9901 1.1680 

300 0.9385 1.0040 0.8591 0.9749 0.9812 0.8320 0.9814 1.1220 

500 0.9489 1.0090 0.8625 0.9728 0.9786 0.8377 0.9794 1.0880 

700 0.9352 1.0340 0.8421 0.9798 0.9800 0.8416 0.9978 1.1250 

800 0.8993 1.0830 0.8123 0.9908 0.9836 0.8421 1.0240 1.2270 

900 0.9365 1.0450 0.8428 0.9791 0.9785 0.8453 1.0740 1.3330 

950 0.9991 0.9458 0.9013 0.9585 0.9724 0.8399 1.0450 1.2420 

1000 0.6411 1.5490 0.5618 1.0820 0.9978 0.8705 1.2140 1.7980 

 

The simulation software JMatPro®-V9 was used to obtain the variation of the density, Poisson’s 

ratio, thermal conductivity, and specific heat with temperature for the specific batch of alloy 

718. A constant density of 7938 kg/m3 was assumed throughout the forming process, 

corresponding to an average temperature of the blank of 872.6 °C. The corresponding thermal 

properties for both the tool [38] and blank materials employed in the model are shown in Fig. 

15. 

 

 
 
Fig. 15 (a) Poisson’s ratio, (b) thermal conductivity, and (c) specific heat for the blank and tools [38] obtained 

from JMatPro®-V9 for the specific batch of alloy 718 

 

As illustrated in Fig. 11, the four different temperature zones in each tool part were mapped to 

the respective nodes in the FE model, see Fig. 16. 

 

 
 
Fig. 16 Average nodal temperatures in the (a) punch and (b) die used in the FE analyses, c.f. Table 3 
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After the forming process, the springback analysis was set up in LS-PrePost v4.5.25 using the 

nodal constraints in Fig. 17. The springback simulation was performed using the implicit solver 

in LS-DYNA R11.0.0. 

 

 
 
Fig. 17 Nodal constraints considered in the springback calculations 

 

6. Results and discussion 

 

The calibrated yield surfaces for alloy 718 between 20 and 1000 °C in Fig. 13 show that the 

yield surface progressively reduces its area with temperature while maintaining its original 

shape, except at 1000 °C. The yield stresses decrease with temperature in all cases and rolling 

directions, except for the longitudinal case at 700 °C, c.f. Table 1 and Fig. 14a. The degree of 

anisotropy in strain tends to weaken with increasing temperature, except at 1000 °C, where the 

anisotropy in stress increases. However, a yield stress plateau can be noticed between 500 and 

800 °C for the L-direction case, comparable to the results by Weaver et al. [22] between 227 

and 627 °C. The EDS measurements at 20, 700, and 1000 °C showed a progressive reduction 

in the chemical elemental composition of Nb, Mo, Ti, and Al with temperature. A decrease in 

the concentration of Nb and Ti at 700 °C suggests the presence of additional γ’ and γ” 

precipitates. As concluded by Rezende et al. [27], the increase in the yield stress at 700 °C can 

be related to the depletion of solute elements that precipitate in the forms of γ’ and γ” phases, 

which are responsible for the precipitation hardening. Fig. 18 shows the time-temperature-

transformation (TTT) diagram, extracted from JMatPro®-V9, for the specific batch of alloy 718. 

Both the γ’ and γ” phases are more likely to precipitate, i.e. at 700 °C, than δ phase. The loss of 

ductility can be attributed to the onset of the OAIC phenomenon, as reported by Zang et al. [39] 

between 800 and 950 °C.  
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Fig. 18 TTT diagram of the specific batch of alloy 718 

 

The different micrographs illustrated in Fig. 7 reveal that the grain size distribution remains 

practically constant between 20 and 700 °C. Weaver and Hale [22] and Maj et al. [28] 

experienced no significant changes in the microstructure of alloy 718 when exposed at 

temperatures up to 627 and 700 °C, respectively. The presence of small dimples on the fracture 

surfaces in Fig. 8a indicates ductile fracture by coalescence of microvoids at 20 °C. As 

appointed by Rezende et al. [27], intergranular or crystalline fracture was dominant in the 

sample tested at 700 °C, see Fig. 8b. The fewer but larger dimples, compared to those in the 

sample at 20 °C, imply less ductility. The same tendency was observed in Fig. 8c for the tested 

specimen at 1000 °C.  

 

The DSA phenomenon is clearly present between 300 and 800 °C owing to serrations in the 

true stress–strain curves. The frame rate of 4 Hz used in the DIC system was in the lower region 

of the requirements to detect and identify serrations, c.f. Fig. 5a. The force response was instead 

extracted from the MTS tensile test machine, at a high frame rate of 100 Hz, to confirm the type 

of serrations. The amplified view of the corresponding curves in Fig. 19 illustrates the different 

types of serrations found at those temperatures. Even though the serrations were, in all cases, 

accompanied by an audible sound, the qualitative analysis of both their frequency and amplitude 

yielded three different types of yield drops. As reported by Maj et al. [28], both the frequency 

and amplitude of the yield drops increase with temperature owing to an increase in the 

interaction between solute atoms and mobile dislocations. Considering the 300 °C case, A-type 

serrations occurred at low strain values, whereas B-type serrations appeared near the end of the 

test. Purely B-type serrations were present at 500 °C. The specimens tested at 700 and 800 °C 

showed C-type serrations, with yield drops below the general level of the curve. No serrations 

were observed at 900, 950, or 1000 °C. 
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Fig. 19 Different types of serrations found between 300 and 800 °C from MTS measurements. The amplified view 

of each type of serration is marked with 1–5 in the corresponding area of the curve 
 

The temperature ranges, where certain types of serrations were dominant, are in accordance 

with other studies available in literature at similar strain rates. Weaver and Hale [22] and 

Rezende et al. [27] determined that A- and B-type serrations are usually found between 200 and 

450 °C. Nalawade et al. [24] and Hayes [25] distinguished the temperature ranges of A- and B-

type serrations, i.e. 200 and 300 – 450 °C, respectively. C-type serrations are dominant between 

450 – 760 °C [22, 24, 27]. In a further work by Nalawade et al. [26], A-type serrations were 

observed at 300 °C, whereas B- or A+B-type serrations were observed between 400 and 600 

°C. C-type serrations were found at 650 °C. Similar conclusions were reported by Maj et al. 

[28], with A-type serrations at 250 °C, B-type serrations at 300 °C, and C-type serrations 

between 300 and 750 °C. These temperature ranges may vary due to several factors, such as the 

test method, strain rates, or small variations in the heat treatment of the material.  

 

The microstructural effect of the DSA phenomenon is usually related to the interactions 

between interstitial or substitutional solutes with mobile dislocations. The agreement of Weaver 

and Hale [22] and Maj et al. [28] on A- and B-type serrations can be attributed to the interaction 

between interstitial solutes and moving dislocations. Furthermore, substitutional solute 

diffusion, i.e. Nb, is the common cause of C-type serrations. The disappearance of serrations 

after some time at 700 and 800 °C, c.f. Fig. 5a, and at higher temperatures, could be explained 

through the reduction of interstitial and substitutional solutes due to precipitation at the grain 

boundaries, which consequently prevents the occurrence of DSA [22, 24-28]. Fisk et al. [40] 

studied the precipitate evolution in the early stages of aging in a solution-annealed alloy 718. 
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Aging was carried out at temperatures between 500 and 850 °C for different times, ranging 

from 4 to 480 min. They concluded that the size and distribution of γ” precipitates increased 

for relatively long aging times, with clear evidence of γ” precipitates presented when aging for 

8 min at 760 °C. Therefore, an increase in the number and size of γ” precipitates could be 

expected in the double-curved component after the holding time of 900 s at 872.6 °C. The 

evolution of the critical strain for the onset of serrations with temperature is illustrated in Fig. 

20. The critical strain decreased with increasing temperature (normal behaviour), following a 

tendency to increase with increasing temperature (inverse behaviour) [22, 24, 41, 42]. The 

transition from the normal to inverse behaviour, at 500 °C, coincided with the change from A- 

and B-type to C-type serrations, respectively.  

 

 
 
Fig. 20 Variation of the critical strain for the onset of serrations with temperature. The solid and dashed lines 

indicate normal and inverse behaviour, respectively 
 

Fig. 21 shows the predicted effective plastic strains at different stages of the forming process, 

i.e. after tool closure and start of holding (t = 12 s), when the measured temperature of the blank 

has been stable (t = 50 s), and at the end of the hot forming test including the holding time of 

900 s (t = 912 s). The corresponding predicted temperature distribution over the part is 

illustrated in Fig. 22. The temperature in the blank starts to normalise, according to the different 

temperature zones in Fig. 16, from t = 50 s. The results are presented for the integration point 

located in the middle of the thickness of each shell element. The highest plastic strains are 

located at the upper part of the central hole. Plastic strains ranging between 10−2 and 10−3 are 

concentrated along the central y-axis. The overall effective plastic strains ≤10−4 indicate that 

the component was mostly formed under elastic conditions.  

 

 
 
Fig. 21 Effective plastic strains at different stages of the hot forming procedure 
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Fig. 22 Predicted temperature distribution at different stages of the hot forming procedure 

 

The maximum residual stress level over the part decreases by 46% when the temperature is 

stable, and by an extra 6% at the end of the holding stage, see Figs. 23a – 23c. The springback 

simulation in Figs. 23d – 23f further decreases the residual stresses over the part. The 

consideration of the data from the stress relaxation tests significantly reduces the amount of 

residual stresses, as illustrated in Figs. 24a – 24c. The von Mises stresses after springback are 

depicted in Figs. 24d – 24f. 

 

 
 
Fig. 23 Von Mises stresses (a) – (c) at different stages of the hot forming procedure and (d) – (f) after springback 
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Fig. 24 Von Mises stresses (a) – (c) at different stages of the hot forming procedure considering stress relaxation 

and (d) – (f) after springback 

 

Figs. 25a – 25c show the predicted shape deviations after springback for the three considered 

cases, c.f. Figs. 23d – 23f. The effect of the stress relaxation from Figs. 24d – 24f on the 

corresponding numerical results is illustrated in Figs. 26a – 26c. The measured amount of 

springback in the hot-formed part is presented in Fig. 27 for comparison. 

 

 
 
Fig. 25 Predicted shape distortions at different stages of the hot forming procedure after springback. All 

measurements are expressed in millimetres 
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Fig. 26 Predicted shape distortions at different stages of the hot forming procedure, considering stress relaxation, 

after springback. All measurements are expressed in millimetres 
 

 
 
Fig. 27 Measured springback after the hot forming procedure. All measurements are expressed in millimetres 
 

The predicted springback after hot forming without considering the holding time (t = 12 s) in 

Fig. 25a considerably deviates from the 3D-scanned part, c.f. Fig. 27. The overall distortions 

when the temperature of the blank is stable (t = 50 s) range between 1 and 2 mm, except in the 

four protruding areas, where the shape deviations considerably exceed the thickness of the 

sheet. As illustrated in Fig. 26, the distribution and degree of shape distortions after considering 

stress relaxation are in much better agreement with the experimental measurements. However, 

the springback results at t = 12 s in Fig. 26a present the highest deviances in almost all 

measurement points up to 1.1 mm. The predicted shape deviations at t = 50 s are the closest to 

the measured values, particularly at the right and left sides of the component, see Fig. 26b. On 

the contrary, the predicted amount of springback at the end of the forming test, including the 

holding time of 900 s (t = 912 s), better agrees at the top and bottom areas, as well as the ear-

shaped corners, see Fig. 26c. The maximum difference between the simulations and experiment 

was, in both cases, ≤0.7 mm. 
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The deviances between the measured and simulated shape deviations may originate from the 

selection of the scale factor to transform the residual stresses. Since the scale factor controls 

both the magnitude and speed of the residual stress relaxation process with time, it may affect 

the predicted springback. In this work, the scale factor for each stress relaxation test in Fig. 6 

was calculated based on the corresponding initial temperature and strain level. The scale factor 

of 0.257 was obtained by linear interpolation and assuming a constant temperature of the blank, 

872.6 °C. Variations in the nodal temperatures of the blank will influence the rate and degree 

of stress relaxation in those areas and, consequently, the shape distortions over the part. In 

addition, the stress relaxation tests were performed at an initial strain level of 3%, which only 

covers a small range of the effective plastic strains from the forming simulation, c.f. Fig. 21. 

Therefore, additional tests in the elastic region and a more advanced method to transform the 

residual stresses, based on each nodal temperature and strain level, need to be considered. For 

instance, Odenberger et al. [3] used the Zener-Wert-Avrami function [43] to model the stress 

relaxation behaviour of a Ti-6Al-4V alloy during a hot forming procedure at 700 °C.  

 

7. Conclusions 

 

In this work, the effect of considering stress relaxation data in the predictions of the final shape 

of a double-curved component in alloy 718 subjected to a hot forming procedure was studied. 

The use of accurate thermo-mechanical material data, coupled with advanced FE analyses, 

yielded the predicted final shape of the component within sheet thickness and acceptable 

tolerance to the industry. The main conclusions are as follows: 

 

• The sudden increase in the yield stress in the longitudinal rolling direction at 700 °C can 

be attributed to the precipitation of γ’ and γ” phases.  

• The DSA phenomenon is present in the material between 300 and 800 °C. Three 

different types of serrations were identified, i.e. types A and B at 300 °C, type B at 500 

°C, and type C between 700 and 800 °C. All serrations were accompanied by an audible 

sound. The disappearance of serrations at high strain levels at 700 and 800 °C, and at 

higher temperatures, could be related to the reduction of interstitial and substitutional 

solutes due to precipitation at the grain boundaries. This is supported by the increase in 

number and coarsening of precipitates at the grain boundaries shown in the micrographs. 

• The shift from normal to inverse behaviour of the critical strain for the onset of 

serrations at 500 °C coincided with the change from A- and B- to C-type serrations, 

respectively. 

• The predicted springback considering the stress relaxation of the material shows 

encouraging agreement with the experimental measurements. The tendencies in the 

distribution of the shape distortions are well captured, with a bit more deviance at the 

four ear-shaped corners. The maximum shape distortions over the part are less than 25% 

of the sheet thickness. 

• The use of an anisotropic material model coupled with thermo-mechanical analysis, and 

considering the stress relaxation behaviour, can accurately predict the final shape of a 

nickel-base superalloy component, which is of interest to the aerospace industry. 

• The consideration of stress relaxation data to simulate the holding stage, during a hot 

forming procedure, is evidenced to be of utmost importance in the prediction of shape 

distortions after hot forming with high accuracy. However, there is a need to further 

develop the method to transform the residual stresses during holding, which considers 

both the temperature and elastic or plastic strain level at each node. 

 

 



 

145 

 

Acknowledgments 

 

The authors would like to thank GKN Aerospace Sweden AB, ITE Fabriks AB, DYNAmore 

Nordic AB, VINNOVA - Swedish Governmental Agency for Innovation Systems NFFP6 

program for SME, Swedish Armed Forces, and Swedish Defence Materiel Administration for 

their support (grant no. 2013-01173). 

 

References 

 

[1] Mori K, Bariani PF, Behrens BA, Brosius A, Bruschi S, Maeno T, Merklein M, Yanagimoto 

J (2017) Hot stamping of ultra-high strength steel parts. CIRP Ann-Manuf Techn 66:755-777. 

https://doi.org/10.1016/j.cirp.2017.05.007 

[2] Zhan L, Lin J, Dean TA (2011) A review of the development of creep age forming: 

experimentation, modelling and applications. Int J Mach Tool Manuf 51:1-17. 

https://doi.org/10.1016/j.ijmachtools.2010.08.007 

[3] Odenberger EL, Pederson R, Oldenburg M (2019) Finite element modeling and validation 

of springback and stress relaxation in the thermo-mechanical forming of thin Ti-6Al-4V sheets. 

Int J Adv Manuf Tech 1-17. https://doi.org/10.1007/s00170-019-04071-9 

[4] Merklein M, Lechler J (2006) Investigation of the thermo-mechanical properties of hot 

stamping steels. J Mater Process Tech 177:452-455. 

https://doi.org/10.1016/j.jmatprotec.2006.03.233 

[5] Odenberger EL, Schill M, Oldenburg M (2013) Thermo-mechanical sheet metal forming of 

aero engine components in Ti-6Al-4V – part 2: constitutive modelling and validation. Int J 

Mater Form 6:403-416. https://doi.org/10.1007/s12289-012-1094-7 

[6] Åkerström P, Oldenburg M (2006) Austenite decomposition during press hardening of a 

boron steel – Computer simulation and test. J Mater Process Tech 174:399-406. 

https://doi.org/10.1016/j.jmatprotec.2006.02.013 

[7] Åkerström P, Bergman G, Oldenburg M (2007) Numerical implementation of a constitutive 

model for simulation of hot stamping. Model Simul Mater Sc 15:105-119. 

https://doi.org/10.1088/0965-0393/15/2/007 

[8] Mori K, Akita K, Abe Y (2007) Springback behaviour in bending of ultra-high-strength 

steel sheets using CNC servo press. Int J Mach Tool Manuf 47:321-325. 

https://doi.org/10.1016/j.ijmachtools.2006.03.013 

[9] Liu HS, Xing ZW, Bao J, Song BY (2010) Investigation of the hot-stamping process for 

advanced high-strength steel sheet by numerical simulation. J Mater Eng Perform 19:325-334. 

https://doi.org/10.1007/s11665-009-9510-y 

[10] Kim HS, Koç M (2008) Numerical investigations on springback characteristics of 

aluminum sheet metal alloys in warm forming conditions. J Mater Process Tech 204:370-383. 

https://doi.org/10.1016/j.jmatprotec.2007.11.059 

[11] Zhou J, Wang BY, Lin JG, Fu L, Ma WY (2014) Forming defects in aluminum alloy hot 

stamping of side-door impact beam. T Nonferr Metal Soc 24:3611-3620. 

https://doi.org/10.1016/S1003-6326(14)63506-8 

[12] Xiao WC, Wang BY, Kang Y, Ma WP, Tang, XF (2017) Deep drawing of aluminum alloy 

7075 using hot stamping. Rare Metals 36:485-493. https://doi.org/10.1007/s12598-017-0919-4 

[13] Abedini A, Butcher C, Rahmaan T, Worswick MJ (2018) Evaluation and calibration of 

anisotropic yield criteria in shear loading: constraints to eliminate numerical artefacts. Int J 

Solids Struct 151:118-134. https://doi.org/10.1016/j.ijsolstr.2017.06.029 

 

 



 

146 

 

[14] Odenberger EL, Oldenburg M, Thilderkvist P, Stoehr T, Lechler J, Merklein M (2011) 

Tool development based on modelling and simulation of hot sheet metal forming of Ti-6Al-4V 

titanium alloy. J Mater Process Tech 211:1324-1335.  

https://doi.org/10.1016/j.jmatprotec.2011.03.001 

[15] Jeong GU, Park J, Jin CK, Moon YH, Kang CG (2019) Thermal deformation behavior and 

formability of high temperature with corrosion resistance alloy. Key Eng Mater 794:142-150. 

https://doi.org/10.4028/www.scientific.net/KEM.794.142 

[16] Barlat F, Brem JC, Yoon JW, Chung K, Dick RE, Lege DJ, Pourboghrat F, Choi SH, Chu 

E (2003) Plane stress yield function for aluminium alloy sheets – part 1: theory. Int J Plast 

19:1297-1319. https://doi.org/10.1016/S0749-6419(02)00019-0 

[17] Pérez Caro Ll, Schill M, Haller K, Odenberger EL, Oldenburg M (2019) Damage and 

fracture during sheet-metal forming of alloy 718. Int J Mater Form 12:1-14. 

https://doi.org/10.1007/s12289-018-01461-4 

[18] Sims CT, Stoloff NS, Hagel WC (1987) Superalloys II: high-temperature materials for 

aerospace and industrial power. John Wiley & Sons, New York 

[19] Rodríguez P (1984) Serrated plastic flow. B Mater Sci 6:653-663. 

[20] Portevin A, Le Chatelier F (1923) C R de l’Acad des Sci Paris 176:507-510 

[21] Vandenbrink SH, Vandenbeukel A, Mccormick PG (1975) Strain rate sensitivity and the 

Portevin-Le Chatelier effect in Au-Cu alloys. Phys Status Solidi A 30:469-477 

[22] Weaver ML, Hale CS (2011) Effects of precipitation on serrated yielding in Inconel 718. 

Pittsburgh, USA. Proceedings of the 5th International symposium on superalloys 718, 625, 706 

and various derivatives 421-432 

[23] Curtin WA, Olmsted DL, Hector LG (2006) A predictive mechanism for dynamic strain 

ageing in aluminium-magnesium alloys. Nat Mater 5:875-880.  

https://doi.org/10.1038/nmat1765 

[24] Nalawade SA, Sundararaman M, Kishore R, Shah JG (2008) The influence of aging on the 

serrated yielding phenomena in a nickel-base superalloy. Scripta Mater 59:991-994. 

https://doi.org/10.1016/j.scriptamat.2008.07.004 

[25] Hayes RW (1983) On a proposed theory for the disappearance of serrated flow in f.c.c. Ni 

alloys. Acta Metall Mater 31:365-371. https://doi.org/10.1016/0001-6160(83)90213-4 

[26] Nalawade SA, Sundararaman M, Singh JB, Ramaswamy K, Verma A (2010) Serrated 

yielding in alloy 718. Pittsburgh, USA. Proceedings of the 7th International symposium on 

superalloy 718 and derivatives 809-823 

[27] Rezende MC, Araújo LS, Gabriel SB, Dille J, de Almeida LH (2015) Oxidation assisted 

intergranular cracking under loading at dynamic strain aging temperatures in Inconel 718 

superalloy. J Alloy Compd 643:256-259. https://doi.org/10.1016/j.jallcom.2014.12.279 

[28] Maj P, Zdunek J, Gizynski M, Mizera J, Kursydlowski KJ (2014) Statistical analysis of 

the Portevin-Le Chatelier effect in Inconel 718 at high temperature. Mater Sci Eng A 619:158-

164. https://doi.org/10.1016/j.msea.2014.09.075 

[29] Fournier L, Delafosse D, Magnin T (2001) Oxidation induced intergranular cracking and 

Protevin-Le Chatelier effect in nickel base superalloy 718. Mater Sci Eng A 316:166-173. 

https://doi.org/10.1016/S0921-5093(01)01224-2 

[30] Garat V, Cloue JM, Poquillon D, Andrieu E (2008) Influence of Portevin-Le Chatelier 

effect on rupture mode of alloy 718 specimens. J Nucl Mater 375:95-101. 

https://doi.org/10.1016/j.jnucmat.2007.10.009 

[31] Pérez Caro Ll (2019) Modelling aspects in forming and welding of nickel-base superalloys. 

Dissertation, Luleå University of Technology. ISBN: 978-91-7790-461-8 (digital) 

[32] IMCE (2017) RFDA Professional. https://www.imce.eu/products/rfda-professional. 

Accessed 20 March 2019 



 

147 

 

[33] Sigvant M, Mattiasson K, Vegter H, Thilderkvist P (2009) A viscous pressure bulge test 

for the determination of a plastic hardening curve and equibiaxial material data. Int J Mater 

Form 2:235-242. https://doi.org/10.1007/s12289-009-0407-y 

[34] LSTC (2019) LS-DYNA Theory manual. Livermore, USA: Livermore Software 

Technology Corporation (LSTC) 

[35] Deng L, Pelcastre L, Hardell J, Prakash B, Oldenburg M (2019) Numerical investigation 

of galling in a press hardening experiment with AlSi-coated workpieces. Eng Fail Anal 99:85-

96. https://doi.org/10.1016/j.engfailanal.2019.01.059 

[36] Geiger M, Merklein M, Lechler J (2008) Determination of tribological conditions within 

hot stamping. Prod Engineer 2:269-276. https://doi.org/10.1007/s11740-008-0110-8 

[37] Barlat F, Lian J (1989) Plasticity behaviour and stretchability of sheet metals. Part I: a 

yield function of orthotropic sheets under plane stress condition. Int J Plast 5:51-56. 

https://doi.org/10.1016/0749-6419(89)90019-3 

[38] Kumar M (2015) Dynamic characterization of the tool holder material: an experimental 

thesis. Student thesis, KTH Royal Institute of Technology 

[39] Zhang SH, Zhang HY, Cheng M (2011) Tensile deformation and fracture characteristics 

of delta-processed Inconel 718 alloy at elevated temperatures. Mater Sci Eng A 528:6253-6258. 

https://doi.org/10.1016/j.msea.2011.04.074 

[40] Fisk M, Andersson J, du Rietz R, Haas S, Hall S (2014) Precipitate evolution in the early 

stages of ageing in Inconel 718 investigated using small-angle x-ray scattering. Mater Sci Eng 

A 612:202-207. http://dx.doi.org/10.1016/j.msea.2014.06.036  

[41] Max B, Viguier B, Andrieu E, Cloue JM (2014) A re-examination of the Portevin-Le 

Chatelier effect in alloy 718 in connection with oxidation-assisted intergranular cracking. 

Metall Mater Trans A 45:5431-5441. https://doi.org/10.1007/s11661-014-2508-6 

[42] Chen W, Chaturvedi, MC (1997) On the mechanism of serrated deformation in aged 

Inconel 718. Mater Sci Eng A 229:163-168. https://doi.org/10.1016/S0921-5093(97)00005-1 

[43] Zhou Z, Bhamare S, Ramakrishnan G, Mannava S, Langer K, Wen Y, Qian D, Vasudevan 

V (2012) Thermal relaxation of residual stress in laser shock peened Ti-6Al-4V alloy. Surf Coat 

Tech 206:4619-4627. https://doi.org/10.1016/j.surfcoat.2012.05.022 

  



 

148 

 

 

  



 

149 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Paper G 

 

Shape prediction of a hot formed component in nickel-

base superalloys 
 

 

 

 

 

 

 

 
Authors:  
Lluís Pérez Caro, Eva-Lis Odenberger, Fredrik Niklasson and Mats Oldenburg 

 

To be submitted. 
 

  



 

150 

 

  



 

151 

 

Shape prediction of a hot formed component in nickel-base 

superalloys 
 

Lluís Pérez Caro, Eva-Lis Odenberger, Fredrik Niklasson, Mats Oldenburg 

 

 

Abstract 

 

Various current manufacturing processes of advanced aero engine components in nickel-base 

superalloys are performed at approximately 950 °C, with varying holding times, to reduce the 

amount of residual stresses, and thereby shape deviations, over the part. The aim of such 

procedures is to obtain a low residual stress state in the material and the final geometry of the 

component within tolerance to reduce costly try-outs. In addition, a reduction in the forming 

temperature or holding time may significantly reduce the energy consumption and carbon 

dioxide (CO2) emissions while increasing the ecological sustainability of the process. In this 

work, the numerical study of a hot forming procedure of a double-curved component in 

Haynes® 282® is presented. The influence of the forming temperature and holding time on the 

predicted amount of springback at different stages of the hot forming procedure is assessed. 

Previous studies concerning hot forming of alloy 718 indicate that the use of an advanced 

anisotropic model, together with the thermo-mechanical properties and stress-relaxation 

behaviour of the material, are of utmost importance to accurately predict the final geometry of 

lightweight components of interest to the aerospace industry. Hence, the resulting residual 

stresses and shape distortions are compared with identical FE analyses in alloy 718 at around 

870 °C available in literature. The anisotropic properties of the material are determined at 

temperatures ranging from 20 to 1000 °C. A qualitative analysis of the different types of 

serrations present in the hardening curves between 300 and 900 °C is included in the study. 

Microstructural observations of selected specimens are correlated to the material-

characterization tests. The thermo-mechanical data is used as input to the novel version of the 

Barlat Yld2000-2D material model in LS-DYNA. The results show that forming of Haynes® 

282® at approximately 870 °C produces high shape distortions over the part with values beyond 

the sheet thickness, in contrast to the response of alloy 718. A comparison of the stress-

relaxation rate with available data in literature for alloy 718 at around 870 °C reveals that 

Haynes® 282® relaxes about 50% slower than alloy 718, whereas reasonably analogous at 950 

°C. An increase in the forming temperature to 950 °C significantly reduces the amount of 

predicted springback. Therefore, it can be concluded that forming of Haynes® 282® requires a 

higher temperature than reported for alloy 718 to reach similar amount of springback.  

 

1. Introduction 

 

Nickel-base superalloys are widely used in aerospace applications due to their excellent 

material properties and good corrosion resistance at high temperatures up to 650 °C. Load-

carrying aero-engine structures typically contain substantial amounts of parts made of nickel-

base superalloys, especially in the hot sections of gas-turbine engines in military and civil 

aircrafts [1]. Unlike conventional large-scale single castings, advanced manufacturing methods 

involve sheet-metal parts, small castings, and forgings assembled using welding. One example 

is during the manufacturing of a turbine exhaust case (TEC), where a double-curved component 

is welded together with other parts to form a subassembly, as illustrated in Fig. 1. The new 

manufacturing methods imply possibilities to achieve flexible designs, where each part is made 

of the most suitable material state with advantages such as reduced product cost, lower weight, 

and increased engine efficiency.  
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Fig. 1 Location of the double-curved component in a TEC (courtesy of GKN Aerospace Sweden) 

 

Hot forming has, in general, several advantages compared to cold forming, i.e. reduced material 

consumption, stamping force, amount of residual stresses, and springback [2]. However, it 

requires higher energy consumption during forming and increases production costs due to 

additional maintenance of the tool parts. In addition, forming of nickel-base superalloys at 

intermediate temperatures may promote the precipitation of secondary phases in the matrix and, 

thereby, trigger the occurrence of the serrated yielding phenomenon. The formability of the 

blank can negatively be affected due to the inhomogeneous deformation and flow limitation of 

the material. Current manufacturing processes of advanced aero-engine components in nickel-

base superalloys are performed at approximately 950 °C, with varying holding times, to prevent 

precipitation hardening and reduce the amount of residual stresses over the part, allowing the 

material to stress relax with time and, thereby, reduce the amount of springback. The aim is to 

produce lightweight components where the final geometry of the part is secured whereas 

maintaining the required structural performance. Higher forming temperatures may reduce the 

cycle time of a component, in a hot forming process, while minimizing the amount of 

springback and residual stresses in consecutive steps in the manufacturing chain. Considering 

the history of the material after forming to accurately predict the final geometry of a component 

in subsequent manufacturing steps is key to the industry.  

 

Several numerical studies have been performed on the springback prediction during hot forming 

of different materials, such as ultra-high strength steels [2-6], aluminium alloys [7-10], titanium 

alloys [11-13] and Inconel 625 [14]. No previous work in the prediction of shape deviations 

during hot forming in Haynes® 282® was found in literature. In this work, a hot forming 

procedure of a double-curved component made of Haynes® 282® is studied numerically. The 

geometry of the component is shown in Fig. 2. The manufacturing process is modelled in three 

steps, i.e. crash forming, stress relaxation, and final springback. The effect of the forming 

temperature (872.6 and 950 °C) and holding time (12, 50, and 900 s) on the predicted amount 

of springback of the part is included. The resultant geometry of the component is compared to 

identical finite-element (FE) analyses in alloy 718 at 872.6 °C available in literature [15]. The 

thermo-mechanical properties of the material are determined between 20 and 1000 °C and used 

as input to the novel version of the anisotropic Barlat et al. [16] Yld2000-2D material model in 

LS-DYNA. A qualitative classification of the different types of serrations present in the stress-

strain curves between 300 and 900 °C is included. The fracture surfaces of selected uniaxial 

tensile specimens are related to the behaviour of the material at specific temperatures.  
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Fig. 2 Dimensions of the double-curved component [mm] 
 

2. Material 

 

The material investigated in this work is the gamma-prime precipitation-strengthened Haynes® 

282® alloy (UNS N07208) in the form of 2.6 mm sheets and in the solution-annealed condition 

according to the AMS 5951 specification. The chemical composition of the alloy, from the 

material certificate, is presented in Table 1. 

 
Table 1 

Chemical composition of the specific batch of Haynes® 282® [wt%] 

 
Al B C Co Cr Cu Fe Mn Mo 

1.48 0.004 0.062 10.19 19.53 <0.01 0.90 0.05 8.62 

Nb Ni P S Si Ta Ti W Zr 

<0.1 56.72 <0.002 <0.002 <0.05 0.012 2.21 0.06 <0.002 

 

The microstructure of Haynes® 282® in the solution-annealed condition, obtained from an 

optical microscope, is illustrated in Fig. 3. The sample was polished with 3 μm diamond paste 

and finally etched with oxalic acid at 2.6 V. The microstructure consists of the face-centred 

cubic (FCC) γ-phase matrix and disperse primary MC carbides at the grain boundaries.  

 

 
 
Fig. 3 Microstructure of the specific batch of Haynes® 282® in the as-received condition 
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3. Dynamic strain aging 

 

In this work, the dynamic strain aging (DSA) effect is considered as the physical process that 

causes the serrations, or load drops, in the stress-strain curves obtained by means of uniaxial 

tensile tests at a constant strain rate [17]. The presence of serrations is also known as the serrated 

yielding phenomenon or Portevin-Le Chatelier (PLC) effect [18, 19], which exhibits as a set of 

bands propagating across the specimen. The serrations are induced by interactions between 

mobile dislocations and interstitial or substitutional solutes [20]. The DSA effect has previously 

been studied in many nickel-base superalloys because it occurs at the same temperature range 

as their typical service temperature, which may affect the properties and service life of the 

component. The serrated flow that occurs during the DSA phenomenon results in 

inhomogeneous deformation of the material, leading to negative strain rate sensitivity and, 

therefore, causing material instability and flow limitation during the forming procedure at 

intermediate temperatures [21].  

 

Depending on both temperature and strain rate, Rodríguez [17] defined five different types of 

serrations that can be present in a stress-strain curve due to DSA. The A-type serrations are 

characterized by periodic fluctuations of the stress above and below the average level of the 

hardening curve. They occur at low temperatures and high strain rates. The B-type serrations 

can be defined as the A-type but with a higher frequency. They usually develop from the A-

type serrations at higher strain values, but they can also appear at the onset of serrations at 

higher temperatures and lower strain rates than the A-type. The increment of the stresses above 

the general level of the curve indicate that both A- and B-type can be considered as locking 

serrations. The C-type serrations appear as stress drops below the average level of the hardening 

curve, indicating that dislocations are being unlocked. They usually arise at higher temperatures 

and lower strain rates than the A- and B-type. Since the D- and E-type serrations are not 

commonly reported, they are not defined in this study. 

 

4. Experimental work 

 

This section describes the experimental work followed to determine the elasto-plastic material 

properties of Haynes® 282® used to calibrate the material model. 

 

4.1. Uniaxial tensile tests 

 

Uniaxial tensile tests were performed using an MTS 810 100 kN equipment. Test pieces were 

laser cut in three directions referenced to the rolling direction: longitudinal (L), diagonal (D), 

and transverse (T). The shape and dimensions of the samples were in accordance with the work 

by Pérez Caro et al. [22]. The tests were carried out at a strain rate between 1.4 × 10−3 and 4.0 

× 10−3 s−1, and a temperature range from 20 to 1000 °C. The conditions of testing at both room 

and high temperatures were in agreement with the ISO 6892-1:2009 and ISO 6892-1:2011 

standards, respectively. The deformation of every sample was measured throughout the test 

using digital image correlation (DIC) with a facet size/step of 19 × 15 pixels. An inductive 

heating coil was used to heat the specimens up to the corresponding nominal temperature, i.e. 

500, 700, 800, 900, 950, and 1000 °C. The temperature was measured on the surface of the 

parallel length of each test piece with help of a pyrometer. The equivalent emissivity coefficient 

was calibrated against a type-K thermocouple with a maximum deviation <1%.  
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The hardening curves for Haynes® 282® illustrated in Fig. 4a were obtained after the evaluation 

of the strain-localisation area before failure of approximately 4 × 5 mm in size. A FLIR T440 

thermal camera was used to check the variation of the temperature in the evaluation area at the 

start of selected tests being, in all cases, between 0.2 and 0.9% of the corresponding target 

temperature. The slope of the curves between 900 and 1000 °C shifts due to the change in strain 

rate during the test. A user-defined code, based on the smoothing-spline function in MATLAB 

R2017a, was used to smooth the flow curves and get suitable data to input into the FE 

simulations, see Fig. 4b. The mechanical properties of Haynes® 282® between 20 and 1000 °C 

listed in Table 2 were calculated from the smoothed curves. 

 

 
 

Fig. 4 (a) Original and (b) smoothed hardening curves for Haynes® 282® between 20 and 1000 °C in the L direction 

 

4.2. Elastic and biaxial tests 

 

The Young’s modulus (E) was determined via the impulse excitation technique (IET) [23], 

between 20 and 800 °C, following the same testing procedure as described by Pérez Caro [15]. 

The corresponding modulus of elasticity, between 900 and 1000 °C, was extracted from 

JMatPro®-V9 for the specific batch of Haynes® 282®. The Young’s modulus was used to 

determine the initial yield stress and Lankford coefficient in the L, D, and T directions at each 

target temperature. The equibiaxial (B) yield stress of Haynes® 282® was obtained at 20 °C by 

means of the viscous bulge test [24] procedure using the equipment described in Pérez Caro 

[15]. The corresponding biaxial stresses at higher temperatures were calculated following the 

same trend as in the yield stresses in the L direction. However, the biaxial Lankford coefficient 

was assumed one at all temperatures.   
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Table 2 

Experimental mechanical properties for Haynes® 282® between 20 and 1000 °C 

 
Temperature 

[°C] 

Young’s modulus 

[MPa] 

Yield stress 

[MPa] 

Lankford coefficient 

L L D T B L D T 

20 210380 447.88 413.21 427.41 476.56 0.845 0.875 0.984 

300 194580 326.71 --- --- 347.63 0.678 --- --- 

500 183000 288.85 262.47 280.90 307.35 0.693 0.768 0.807 

700 169121 306.63 283.79 293.01 326.26 0.753 0.846 0.863 

800 160973 369.09 275.83 306.69 392.72 0.824 0.766 0.882 

900 152511 367.12 363.77 352.15 390.63 0.845 0.895 0.925 

950 148163 189.86 212.00 215.84 202.02 0.884 0.936 1.011 

1000 143736 155.42 172.02 157.17 165.37 0.901 0.924 0.988 

 

Table 3 lists the degradation of the Young’s modulus of Haynes® 282® with temperature and 

total strain. Loading-unloading tests were performed using the same testing conditions and 

equipment as for the tensile tests. Each specimen was unloaded at 3%, 8%, 11% and 19% strain.      

 
Table 3 

Young’s modulus for Haynes® 282® vs. temperature and total strain. The specimen at 900 °C broke at 

approximately 14% strain 

 
Temperature 

[°C] 

Young’s modulus [MPa] 

Strain level  

3% 8% 11% 19% 

20 189785 164909 155476 129693 

500 167959 149308 143405 127368 

700 156989 146109 141316 126282 

800 153655 144443 139937 123163 

900 150468 141996 136736 --- 

950 146831 139916 135216 117151 

1000 142953 137774 132476 116606 

 

4.3. Stress-relaxation tests 

 

The stress-relaxation behaviour of Haynes® 282® was studied between 800 and 950 °C via 

stress relaxation tests in the L direction. Each sample was tested at a strain rate of 1.4 × 10−3 s−1 

using the MTS equipment. The deformation of the specimen was paused at 3% strain while the 

decrease of the stress with time was recorded for a specific amount of time. The stress relaxation 

behaviour of Haynes® 282® in the elastic region at high temperatures was not studied in this 

work but assumed an analogous response to Ti-6Al-4V by Odenberger et al. [12]. A user-

defined code in MATLAB R2017a was used to smooth and extrapolate the experimental curves 

up to 900 s. Fig. 5 illustrates the original and smoothed stress-relaxation curves. The variation 

of the true stress between the start and end of each test was used to obtain the scale factors 0.534 

and 0.214 at 872.6 and 950 °C, respectively. The residual stresses from the hot forming 

simulation were transformed using each scale factor in a customized code developed in Fortran 

77. The scaled residual stresses, for each considered temperature, were used as input to the 

springback analysis.  
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Fig. 5 Original and smoothed (_sm) stress-relaxation curves for Haynes® 282® between 800 and 950 °C 

 

4.4. Fracture surface examinations 

 

The fracture surfaces of selected uniaxial tensile test specimens tested at 20 and 800 °C are 

illustrated in Fig. 6. The samples were studied via scanning electron microscopy (SEM) coupled 

with energy-dispersive X-ray spectroscopy (EDS) to study the chemical elemental composition. 

The presence of small dimples on the fracture surface of the specimen tested at 20 °C indicates 

ductile fracture by coalescence of microvoids, see Fig. 6a. The fewer but larger dimples in the 

sample at 800 °C in Fig. 6b, compared to those at 20 °C, imply less ductility. 

 

 
 
Fig. 6 Fracture surfaces of the uniaxial tensile test specimens at (a) 20 and (b) 800 °C 

 

5. Numerical procedure 

 

The hot forming process was modelled in Dynaform v5.9.3 based on the three-dimensional 

(3D)-scanned data of the physical tool. The model consisted of 249946 elements and 250584 

nodes distributed in the punch, die, and blank. The tool setup is shown in Fig. 7. The hot forming 

simulation was analysed using a coupled thermo-mechanical approach in LS-DYNA R11.0.0 

[25], i.e. the explicit and implicit solvers for the mechanical and thermal calculations, 

respectively. The tool parts were modelled as rigid. The die travelled at a velocity of 500 mm/s, 

corresponding to a scale factor of 100, in the negative z direction based on a prescribed velocity 

profile. The static and dynamic coefficient of friction of 0.40 was assumed and modelled using 

the Coulomb’s friction law in the mechanical contact between the blank, punch, and die. Several 

authors have used similar values of the friction coefficients, ranging from 0.42 to 0.45, in the 

press hardening of a boron steel [26] and hot stamping of a high strength steel [27], respectively, 

yielding a promising agreement with experimental results. 
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Fig. 7 FE model of the hot forming procedure in Haynes® 282® [15] 

 

The blank was modelled using 33992 fully integrated (type 16) quadrilateral shell elements 

with a size of 2 mm. The total number of nodes was 34449. The number of integration points 

in-plane and through the thickness was four and seven, respectively. The novel version of the 

anisotropic Barlat Yld2000-2D material model [16] was chosen because of the possibility of 

including the anisotropic thermo-mechanical data obtained from the material-characterization 

tests, see Table 2. Fig. 8 illustrates the evolution of the yield surface with temperature, whereas 

the α parameters that determine each yield surface are listed in Table 4. The variation of the 

yield stresses and R-values with rolling direction between 20 and 1000 °C is shown in Fig. 9. 

The yield surface exponent, that controls the shape of the yield surface, was assumed equal to 

8, as suggested by Barlat and Lian [28] for face-centred cubic (FCC) materials. This approach 

has been extensively used during the hot forming FE analyses in different materials, such as 

nickel-base superalloys [29], titanium [13] or aluminium [30] alloys. 
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Fig. 8 Calibrated yield surfaces for Haynes® 282® between 20 and 1000 °C. The curves correspond to 0 and 0.5 

shear stress values. The corresponding experimental yield stresses (σys) are referenced to the L (0°), D (45°), and 

T (90°) directions, and in the B stress state, as listed in Table 2  

 
Table 4 

Anisotropic parameters (αi) of the Barlat Yld2000-2D model for Haynes® 282® between 20 and 1000 °C 

 

Temperature 

[°C] 

α1 α2 α3 α4 α5 α6 α7 α8 

20 0.8918 1.1130 0.8163 0.9959 0.9856 0.8594 1.0420 1.2930 

500 0.8974 1.0530 0.8246 0.9946 0.9895 0.8459 1.0370 1.3510 

700 0.8875 1.0920 0.8051 1.0010 0.9889 0.8543 1.0360 1.2900 

800 0.7372 1.3720 0.5930 1.0770 0.9990 0.8834 1.1350 1.9260 

900 0.9096 1.0850 0.8143 0.9963 0.9850 0.8616 0.9882 1.1150 

950 1.1170 0.7545 1.0330 0.9211 0.9612 0.8329 0.8965 0.8465 

1000 0.9816 0.9803 0.8888 0.9696 0.9768 0.8572 0.9036 0.8670 
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Fig. 9 Variation of (a) yield stresses and (b) R-values with rolling direction for Haynes® 282® between 20 and 

1000 °C. The corresponding experimental values are referenced to the L (0°), D (45°), and T (90°) directions 

 

The variation of the density, Poisson’s ratio, thermal conductivity, and specific heat with 

temperature for the specific batch of Haynes® 282® was obtained from JMatPro®-V9. A 

constant density of 7942 and 7906 kg/m3 was assumed throughout the forming process at each 

forming temperature studied, i.e. 872.6 and 950 °C, respectively. Fig. 10 illustrates the change 

of the Poisson’s ratio with temperature for Haynes® 282® and the corresponding thermal 

properties, i.e. thermal conductivity and specific heat, for both the tool [31] and blank materials 

employed in the model. 

 

 
 
Fig. 10 (a) Poisson’s ratio, (b) thermal conductivity and (c) specific heat for the blank and tools [31] obtained from 

JMatPro®-V9 for the specific batch of Haynes® 282® 

 

The punch and die were assigned four different temperature zones each, see Fig. 11, which 

corresponded to the same temperature zones determined by Pérez Caro [15] from a hot forming 

procedure in alloy 718.  

 

 
 
Fig. 11 Average nodal temperatures in different zones of the (a) punch and (b) die used in the FE analyses [15] 
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The springback analysis after hot forming was setup in LS-PrePost v4.5.25 using the nodal 

constraints in Fig. 12 and the implicit solver in LS-DYNA R11.0.0. 

 

 
 
Fig. 12 Nodal constraints considered in the springback calculations 

 

6. Results and discussion 

 

The calibrated yield surfaces for Haynes® 282® between 20 and 1000 °C are shown in Fig. 8. 

The yield surface reduces its area with temperature up to 500 °C while maintaining its original 

shape. However, the yield surface expands between 700 and 900 °C with a change in its 

geometry. The yield surface further reduces its area with temperature from 950 to 1000 °C with 

further geometrical changes. The yield stresses in the L, D and T directions decrease with 

temperature up to 500 °C. There is a switch towards a continuous increase of the yield stress 

from 700 to 900 °C except for at 800 °C in the D direction, c.f. Table 2 and Fig. 9a. The variation 

of the Lankford coefficients indicates that the level of anisotropy in strain of the material 

decreases with temperature, whereas the anisotropy in stress follows the same tendency except 

at 950 and 1000 °C. A yield stress plateau can be noticed between 800 and 900 °C for the 

specimens tested in the L-direction. The EDS measurements at 20 and 800 °C showed a 

progressive reduction in the chemical elemental composition of Nb, Mo, Ti, and Al with 

temperature. A decrease in the concentration of Ti and Al suggests more presence of γ’ 

precipitates at high temperatures. Fig. 13 shows the time-temperature-transformation (TTT) and 

time-temperature-hardness (TTH) diagrams for Haynes® 282® proposed by Fahrmann and Pike 

[32].  
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Fig. 13 (a) TTT and (b) TTH diagrams of Haynes® 282® with approximate curves for M23C6 and secondary M6C 

carbides [32]  

 

The presence of serrations in the true stress-strain curves between 300 and 900 °C indicate 

presence of the DSA phenomenon. The frame rate of 4 Hz used in the DIC system was in the 

lower region of the requirements to detect and identify serrations, c.f. Fig. 4a. The force 

response was instead extracted from the MTS tensile test machine, at a higher frame rate of 100 

Hz, to confirm the type of serrations. The amplified view of the corresponding curves in Fig. 

14 illustrates the different types of serrations found at those temperatures. Even though the 

serrations were, in all cases, accompanied with an audible sound, the qualitative analysis of 

both their frequency and amplitude yielded three different types of yield drops. As reported by 

Maj et al. [33] in alloy 718, both the frequency and amplitude of the yield drops increase with 

temperature owing to an increase in the interaction between solute atoms and mobile 

dislocations. In this work, the specimens tested at 300 °C showed almost no serrations at low 

strain values, whereas A-type serrations occurred, with an increase and decrease of the stress 

above and below the mean level of the flow curve, near the end of the test. A combination of 

A- and B-type serrations appeared at low and high strain values at 500 °C, respectively. Tests 

at 700 °C exhibited similar results but a strong tendency to C-type serrations at high strain 

values. Purely C-type serrations, with yield drops below the general level of the curve, were 

present at 800 and 900 °C. No serrations were observed at 950 and 1000 °C. 
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Fig. 14 Different types of serrations in Haynes® 282® between 300 and 900 °C from MTS measurements. The 

amplified view of each type of serration is marked with 1-8 in the corresponding area of the curve 
 

Hörnqvist et al. [34] studied the DSA phenomenon in a solution-annealed Haynes® 282®. 

Uniaxial tensile tests were performed, between 20 and 650 °C, at a strain rate of 10−4 up to an 

engineering strain of 8% followed by a strain rate of 10−3 s−1 until fracture. C-type serrations 

were found both at 400 and 550 °C followed by an audible acoustic emission. However, a closer 

look to the curve at 400 °C indicates a combination of A- and B-type serrations from the start 

of the test up to the change in strain rate, respectively. The serrations in the specimen at 550 °C 

only appeared at the higher strain rate, indicating that the lowest strain rate is below the region 

of thermal activation of the DSA. 

 

The serrated flow that occurs during the DSA phenomenon results in inhomogeneous 

deformation of the material, leading to negative strain rate sensitivity and, therefore, causing 

material instabilities and flow limitation during the forming procedure at intermediate 

temperatures [21]. Therefore, these temperatures are recommended to be avoided. The 

microstructural effect of the DSA phenomenon in nickel-base superalloys is usually related to 

the interactions between interstitial or substitutional solutes with mobile dislocations, i.e. alloy 
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718 [20, 33] and Haynes® 282® [34]. The disappearance of serrations after some time at 800 

and 900 °C, c.f. Fig. 4a, and at higher temperatures, could be explained through the reduction 

of interstitial and substitutional solutes due to precipitation at the grain boundaries and, thereby, 

preventing DSA to occur [20, 33, 35-38]. The evolution of the critical strain for the onset of 

serrations with temperature is illustrated in Fig. 15. The critical strain decreased with increasing 

temperature (normal behaviour) up to 800 °C, following a slight tendency to increase with 

increasing temperature (inverse behaviour) up to 900 °C. This behaviour has been extensively 

reported for the nickel-base superalloy alloy 718 [20, 35, 39, 40]. The transition from the normal 

to inverse behaviour, at 800 °C, coincided with the change from A- and B-type to C-type 

serrations, respectively. As reported by Rezende et al. [38], there are different mechanisms, 

apart from DSA, that define the behaviour of a nickel-base superalloy at elevated temperatures, 

such as precipitation hardening, and oxygen assisted intergranular cracking (OAIC). The OAIC 

phenomenon occurs due to brittle intergranular cracking when the alloy is deformed at elevated 

temperatures because of oxygen penetration into grain boundaries in the form of NbO [41, 42]. 

The change of the critical strain for the onset of serrations, from the normal to inverse 

behaviour, also indicates the transition from DSA to simultaneous precipitation hardening and 

OAIC.  

 

 
 
Fig. 15 Variation of the critical strain for the onset of serrations in Haynes® 282® with temperature. The solid and 

dashed lines indicate normal and inverse behaviour, respectively 
 

The predicted effective plastic strains from the hot forming simulation in Haynes® 282® are 

illustrated in Figs. 16a to 16c. The results correspond to the mid integration point through the 

thickness of each shell element. Three different stages of the FE analysis are considered, that is 

t = 12 s (start of holding after tool closure), t = 50 s (the predicted temperature of the blank 

starts to normalize), and t = 912 s (end of holding and tool closing). The corresponding results 

in alloy 718 from Pérez Caro [15] are included for comparison purposes, see Figs. 16d to 16f. 

The corresponding predicted temperature distribution over the part can be found in Pérez Caro 

[15]. It follows the same tendency as the different temperature zones in the tool parts in Fig. 15 

from t = 50 s. The double-curved component is subjected to small plastic strains throughout the 

hot forming procedure, ranging from 10−2 and 10−3. Equivalently to alloy 718, most of the hot 

forming of Haynes® 282® takes place under elastic conditions. However, there is a small 

difference with the predicted effective plastic strains in alloy 718 at each stage considered, 

being 6.58%, 4.76%, and 3.57% higher for Haynes® 282®, respectively.  
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Fig. 16 Predicted effective plastic strains for (a) – (c) Haynes® 282® and (d) – (f) alloy 718 [15] at different stages 

of the hot forming FE analysis 

 

In case of hot forming of Haynes® 282®, the residual stresses over the part decrease 7% at t = 

50 s and 19% at t = 912 s, compared to the residual stresses at t = 12 s, see Figs. 17a to 17c. For 

alloy 718, the reduction is more pronounced, being 46% and 52%, respectively, as illustrated 

in Figs. 17d to 17f.  

 

 
 
Fig. 17 Residual stresses at different stages of the hot forming process for (a) – (c) Haynes® 282® and (d) – (f) 

alloy 718 [15] 
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The springback simulation reduces the amount of residual stresses over the part at all stages 

studied, see Fig. 18. Holding of the double-curved component further decreases the residual 

stresses in both Haynes® 282® at 950 °C and alloy 718, see Figs. 18d to 18f and Figs. 18g to 

18i, respectively. Nevertheless, the von Mises stresses are reduced in a major extent with 

holding time in alloy 718 at 872.6 °C than in Haynes® 282® at 950 °C, even though a 

significantly lower temperature is needed. On the contrary, the residual stresses for Haynes® 

282® at 872.6 °C increase with holding time, as illustrated in Figs. 18a to 18c. 

 

 
 
Fig. 18 Residual stresses after springback for Haynes® 282® at (a) – (c) 872.6 °C and (d) – (f) 950 °C, and (g) – 

(i) alloy 718 at 872.6 °C [15] 

 

The effect of stress relaxation on the predicted residual stress state over the part is shown in 

Fig. 19. The scale factor for Haynes® 282® at 872.6 °C of 0.534 is twice higher than the 

corresponding for alloy 718, i.e. 0.257, as reported by Pérez Caro [15]. Therefore, the von Mises 

stresses for Haynes® 282® at 872.6 °C in Figs. 19a to 19c are much higher than the 

corresponding for alloy 718, see Figs. 19g to 19i. Considering the higher forming temperature 

of 950 °C, Haynes® 282® yields a scale factor of 0.214, which predicts residual stresses closer 

to alloy 718, as illustrated in Figs. 19d to 19f. 

 



 

167 

 

 
 
Fig. 19 Residual stresses at different stages of the hot forming process considering stress relaxation for Haynes® 

282® at (a) – (c) 872.6 °C and (d) – (f) 950 °C, and (g) – (i) alloy 718 at 872.6 °C [15] 

 

The von Mises stresses after stress relaxation and springback are shown in Fig. 20. The residual 

stresses continuously decrease with holding time for alloy 718, whereas they remain practically 

constant for Haynes® 282® at both 872.6 and 950 °C. The residual stress state in the material 

has a significant effect on the predicted shape distortions over the part. The predicted results 

for Haynes® 282® at 872.6 °C present the highest residual stresses. 
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Fig. 20 Residual stresses after springback and considering stress relaxation for Haynes® 282® at (a) – (c) 872.6 °C 

and (d) – (f) 950 °C, and (g) – (i) alloy 718 at 872.6 °C [15] 

 

The predicted springback for the three considered cases, i.e. Haynes® 282® at 872.6 and 950 

°C, and alloy 718 at 872.6 °C is illustrated in Fig. 21. The predicted springback continuously 

decreases with holding time. The predicted springback in Haynes® 282® at 950 °C is higher 

than the one in Haynes® 282® at 872.6 °C despite considering a higher stress-relaxation 

temperature. Even though the higher Young’s modulus of Haynes® 282®, compared to alloy 

718 [15], at all temperatures tested may suggest a moderate springback of the part, the FE 

analyses in Haynes® 282® at 872.6 °C predict around 0.3 – 0.5 mm higher springback than the 

corresponding in alloy 718 at the same temperature. In this case, the highest deviations, ranging 

from 1 to 2 mm, are located in the four protruding areas. 
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Fig. 21 Predicted springback for Haynes® 282® at (a)-(c) 872.6 °C and (d)-(f) 950 °C, and (g)-(i) alloy 718 [15]. 

All measurements are expressed in millimetres 
 

As shown in Fig. 22, the degree of springback after considering stress relaxation have 

significantly decreased in all cases, except when considering data at 872.6 °C in Haynes® 282®. 

Pérez Caro [15] reported a good agreement between the predictions in alloy 718 at 872. 6 °C 

with experimental hot forming measurements. Considering data at 950 °C in Haynes® 282®, 

the predicted springback is reduced, approaching to similar values as for alloy 718. These 

results indicate that a forming temperature of approximately 70 °C higher than the 

corresponding for alloy 718 is needed in the hot forming of Haynes® 282®, to reach a similar 

degree of springback as for alloy 718, at the end of the hot forming procedure. Same as 

concluded by Pérez Caro [15] in alloy 718, the consideration of an average temperature of the 

blank allows the use of a scale factor to transform the residual stresses. However, variations in 

the nodal temperatures of the blank will influence the rate and degree of stress relaxation in 

those areas and, consequently, the shape distortions over the part. Therefore, a more advanced 

method to transform the residual stresses considering each nodal temperature and strain level 

needs to be considered, such as the approach presented by Odenberger et al. [12] using the 

Zener-Wert-Avrami [43] function to model the stress relaxation behaviour of a Ti-6Al-4V alloy 

during a hot forming procedure at 700 °C. 
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Fig. 22 Predicted springback considering stress relaxation for Haynes® 282® at (a) – (c) 872.6 °C and (d) – (f) 950 

°C, and (g) – (i) alloy 718 at 872.6 °C [15]. All measurements are expressed in millimetres 

 

7. Conclusions 

 

In this work, the effect of considering stress relaxation data in the predictions of the final shape 

of a double-curved component in Haynes® 282®, subjected to a hot forming procedure, was 

studied. The use of accurate thermo-mechanical material data, coupled with advanced FE 

analyses, yielded the predicted final shape of the component close to the results from a previous 

identical study in alloy 718 by Pérez Caro [15], where the predicted values were within sheet 

thickness and acceptable tolerance to the industry. The main conclusions are as follows: 

 

• The sudden increase of the yield stress in the longitudinal rolling direction between 700 

and 900 °C can be attributed to the precipitation of γ’ phase.  

• The DSA phenomenon is present in the material between 300 and 900 °C. Three 

different types of serrations were identified, i.e. type A at 300 °C, types A and B between 

500 and 700 °C, with a tendency to type C serrations at high strain values at 700 °C, 

and type C between 800 and 900 °C. All serrations were accompanied with an audible 

sound. The disappearance of serrations at high strain levels at 800 and 900 °C, and at 

higher temperatures, could be related to the reduction of interstitial and substitutional 

solutes due to precipitation at the grain boundaries. 

• The shift from normal to inverse behaviour of the critical strain for the onset of 

serrations at 800 °C coincided with the change from A- and B- to C-type serrations, 

respectively. 
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• The results show that forming of Haynes® 282® at 872.6 °C produces higher shape 

distortions over the part, with values beyond the sheet thickness, than reported in alloy 

718 at the same temperature. A comparison of the determined scale factor with available 

data in literature for alloy 718 at 872.6 °C reveals that Haynes® 282® relaxes about 50% 

less than alloy 718, whereas reasonably analogous at 950 °C. An increase in the forming 

temperature to 950 °C significantly reduces the amount of springback. Therefore, it can 

be concluded that a forming and stress-relaxation procedure in Haynes® 282® requires 

a higher temperature of approximately 70 °C than reported for alloy 718 to reach similar 

amount of springback. 

• The use of an anisotropic material model coupled with thermo-mechanical analysis, and 

considering the stress relaxation behaviour, has the potential to accurately predict the 

final shape of a nickel-base superalloy component with interest to the aerospace 

industry. 

• Based on previous work in alloy 718 [15] and with help of FE analyses, this study has 

the potential to identify material and process parameters needed to define new advanced 

hot forming processes in Haynes® 282® where the final geometry of the part is secured. 

In future work, the FE models will be updated with supplementary stress-relaxation tests 

in the elastic range. Moreover, additional hot forming validation tests in Haynes® 282® 

will be performed to validate the results and accuracy of the FE simulations. 

• The consideration of stress-relaxation data to simulate the holding stage, during a hot 

forming procedure, is proven to be of utmost importance in the prediction of shape 

distortions after hot forming with high accuracy. However, there is a need to further 

develop an additional method to transform the residual stresses during holding while 

considering both the temperature and strain level at each node. 
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